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ABSTRACT
In this paper, the Tractebel Engineering‟s approach to qualifying the
FRAPCON/FRAPTRAN fuel codes is first described, followed by the results
of the selected benchmark exercises in the IAEA FUMEX-III program
(Super-ramps, FK rods) and the OECD fuel rod codes RIA benchmark (CIP
and VA rods). Finally, some examples of applications of the FRAPCON and
FRAPTRAN codes to Belgian Nuclear Power Plants and the AP1000 fuel
design and safety evaluation are presented.

1.

Introduction

A reliable prediction of fuel rod behaviour is important for fuel rod design and safety
evaluation in nuclear power reactors. More realistic predictions of fuel performance allow
improved operating margins and economics and a higher flexibility in fuel management. It is
therefore essential to better understand fuel behaviours, develop models and implement
them into fuel rod performance codes, which after extensive verification and validation,
should be used for fuel rod design and safety analysis.
Tractebel Engineering (TE), an engineering company of the GDF SUEZ group, has been
working since 2010 on qualification of the fuel rod codes FRAPCON/FRAPTRAN for the
following purposes:
 Independent verification of fuel rod design provided by vendors;
 Independent verification of fuel vendors‟ LOCA (Loss-Of-coolant Accident)/RIA
(Reactivity Initiated Accident) safety analysis and reloads fuel safety evaluation;
 Generation of fuel rod input data for neutronics code;
 Feasibility studies for power increases and burn-up extension;
 Operational support.
This has been achieved partly by participation in the IAEA FUMEX-III program and the
OECD fuel rod codes RIA benchmark, performing selected benchmark exercises using
FRAPCON and FRAPTRAN code and by sharing expertise and information with other
participants.
In this paper, the Tractebel Engineering‟s approach to qualifying the FRAPCON/FRAPTRAN
fuel rod codes is first described, followed by the results of the selected benchmark exercises
in the IAEA FUMEX-III program (Super-ramps, FK) and the OECD fuel rod codes RIA
benchmark (CIP3-1). Finally, some examples of applications of the FRAPCON and
FRAPTRAN codes to a Belgian Nuclear Power Plant and AP1000 fuel design and safety
evaluations are presented.
_____________________________
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2.

The FRAPCON-3.4 [1] and FRAPTRAN-1.4 code [2] have been developed in the framework
of reactor safety research program conducted for the U.S. Nuclear Regulatory Commission
(NRC) by Pacific Northwest National Laboratory (PNNL). FRAPCON is developed for
analysing the thermal-mechanical behaviour of LWR fuel rods under steady-state and power
ramp operating conditions. FRAPTRAN code is developed for analysing the thermalmechanical behaviour of LWR fuel rods under transient and accident conditions such as
LOCA and RIA. Experimental data were used for assessing the FRAPCON and FRAPTRAN
capabilities. The worldwide community contributes to the development, testing and
assessment of models.

2.1

Major models and capability

FRAPCON and FRAPTRAN are the analytical tools which use a common set of material
properties documented in the material properties handbook to define the thermal and
mechanical properties of the fuel and cladding at temperatures ranging from room
temperature to melting. Different types of fuels ((U,Pu)O2, UO2Gd2O3 and UO2 with ZrB2
coatings) and different types of claddings (Zircalloy-2, Zircalloy-4, ZIRLO and M5) can be
modelled in FRAPCON and FRAPTRAN codes. The models and correlations for fuel,
cladding and gas are embedded within FRAPCON and FRAPTRAN. FRAPTRAN also
includes water property data.
FRAPCON and FRAPTRAN include the following models:
 Thermal models including fuel thermal conductivity degradation;
 Fuel rod mechanical model (default FRACAS-I model and Finite Element Analysis
(FEA) model);
 Fission gas release (FGR), internal pressure and void volumes models (default
Massih model and FRAPFGR model);
 Cladding oxidation and hydrogen content models.
A simplified thermal-hydraulic model is included in FRAPCON code. The boundary
conditions in FRAPCON code consist in definition of pressure, coolant inlet temperature and
mass flow as function of time. FRAPCON generates the initialization file for FRAPTRAN
transient calculations.
The FRAPTRAN code thermal-hydraulic model is a simplified model with a static correlation
of heat transfer correlations (HTC) and coolant model. The boundary conditions in
FRAPTRAN code consist in four options. In case of RIA applications, two of these options
„coolant‟ and „heat‟ are interesting. „Coolant‟ option is a thermal-hydraulic boundary condition
and „heat‟ option is a thermal-mechanical boundary condition. The differences between these
two models are given in Table 1.
Coolant

Heat

Known boundary conditions

Pressure
Inlet temperature
Mass flow

Cladding surface temperature
Heat transfer coefficient

Coolant

Only water

Water & non water

Hot & cold capsule

Permitted with flow rate below 0.0027kg/s-m²

Permitted with HTC = 28.4 W/m2-K

Heat transfer correlations

YES (automatic transition)

NON

Heat transfer coefficient

NON (automatically calculated)

YES (imposed)

Tab 1: FRAPTRAN thermal hydraulic boundary conditions.

2.2

Developmental verification and validation

The purpose of the developmental code assessment is to assess the code against a limited
set of well-qualified data that span the range of limiting operational conditions for commercial
light-water reactors (LWRs) to verify that the code adequately predicts the integral test data.
The integral test data of interest are fuel temperatures, FGR, corrosion, void volumes, and
cladding deformation.
The primary FRAPCON-3.4 code assessment database (used also for benchmarking the
thermal and FGR models) consists of 133 fuel rods [3]. These include 88 fuel rods with
steady-state power operation covering a wide range of burnup and 45 fuel rods with steadystate irradiations followed by an end-of-life (EOL) power ramp.
The cases used for FRAPTRAN 1.4 code assessment were selected on the criteria of having
well-characterized design and operational data and spanning the ranges of interest for both
design and operating conditions [4]. Two principal sets of data were used: data from RIA test
programs and data from LOCA test programs. The code assessment database consists of 43
integral assessment cases.
The extensive developmental code verification and validation ensure a wide range of
applicability of both codes. In addition, the bias and sensitivity in both codes have been
assessed [5].

3.

Independent validation at Tractebel Engineering

The strategy for code qualification at TE consists in using a code with extensive verification
and validation performed by the code developer and the international users on the one hand,
and performing selected independent validation on the other hand, with the following
objectives:
 Mastering the code use;
 Assessing the applicability to specific applications.

3.1

Contribution to the IAEA FUMEX III

The Fuel Modelling at Extended burnup program (FUMEX) is a series of Coordinated
Research Projects (CRP) organized by the International Atomic Energy Agency (IAEA). The
objective is to improve the predictive capabilities of codes used in fuel behaviour modelling
for extended burn-up.
For FUMEX III (2009-2011), several cases were identified for different fuel types (PWR,
BWR and VVER) at high burnups at normal operating, power ramp and accidental
conditions. The selected cases focused on the following topics at extended burnup above 50
MWd/kg:
 Fission gas release (FGR);
 Pellet to Clad Interaction (PCI) or Pellet to Clad Mechanical Interaction (PCMI).
Tractebel has analysed the following cases:
 Studsvik Super-ramp cases (PK1, PK2, PK4, PK6, PW3 and PW5);
 NSRR BWR RIA fuel rods FK1-3;
 AREVA Idelaised case (normal operation fission gas analysis).

3.1.1 Superramp cases
The Studsvik Superramp Project investigated the failure of typical LWR reactor test fuel rods
when subjected to power ramps, after base irradiation to high burnup. The study focused on

assessing the capability of the FRAPCON code to simulate the behaviour of fuel rods under
power ramps. The PWR subprogram consisted of 6 groups of twenty-eight individual PWR
rods. They have been tested using high ramp rates.
An example of power ramp is given in Figure 1. The objective of this case was to understand
fuel pellet cladding mechanical interaction (PCMI/PCI) performance under power ramp
condition, and the other fuel behaviour results such as fission gas release, cladding
oxidation, fuel rod burnup.
The power ramp is simulated in FRAPCON by a micro time step of 100 seconds. Before the
micro time step, the power is at conditioning level value. During the micro time step, the
power is set equal to the average of conditioning and holding values. After the micro time
step, the power is equal to holding level value. During this micro time step burnup does not
increase but the rod diameter changes.

Fig 1. An example of ramping power test.
Fission gas release is computed by FRAPCON using the default Massih model. The model
proposed by Massih is intended for fission gas release under steady-state operational
conditions and mild transients. The model accounts for both thermal and athermal fission gas
release, but only stable isotopes are considered. The results for FGR are given in Figure 2.
FGR are particularly well predicted for PK6, with higher burnup than the other modelled fuel
rods. Overall, FGR is underestimated but it should be noted that the axial profiles impact
significantly the fission gas release amount and it was not clearly defined in the experiments
specification.

+100%

-50%

Fig 2. Fission gas release (%) calculated with Massih model in comparison with
experimental results for PK fuel rods.

The mechanical behaviour is analysed with two models: Default FRACAS-I model and FEA
model. The comparison of the calculated maximum Hoop stress with both codes is presented
in Figure 3. FEA model seems to predict the identical results as FRACAS for the high burnup
rod PK2. For other fuel rods, FEA model predict a wide range of results between 50 and 350
MPa whereas FRACAS predicts between 250 and 400 MPa. However, without measured
values, it was impossible to conclude about these two models based on only calculated
results.
Figure 4 illustrates the evolution of the cladding inner radius (CIS) and fuel outer radius
(FOS) during the ramps of two fuel rods: PK6-1 (failed) and PK6-2 (non-failed). PK6-1 has its
cladding radius rapid increasing and then decreasing just after the end of ramp (holding).
PK6-2 fuel rod presents lower radius increases and is not failed. The deformation of cladding
and fuel could be a criterion for predicting PCMI failure. However, information about
measured time of failure invalids this hypothesis because the fuel rods failed during the
ramp, before reaching the maximum value of non-failed rods radius.

Fig 3. Calculated maximum hoop stress (MPa) with FEA and FRACAS-I models.

Fig 4. Calculated radius of cladding inner surface and fuel outer surface for failed PK6-1 rod
and non-failed PK6-2 rod.
From the above analysis, it seems that the stresses and increases of fuel rod diameter are
not sufficient to determine a failure criterion. The results from simulation of the Studsvik PWR
rods power ramp tests indicate that it is rather difficult to determine a PCMI/PCI failure
threshold with FRAPCON without further mechanical model development and assessment

with experimental data. Moreover, the results could be significantly affected by the
uncertainties of the input parameters for the code calculation.

3.1.2 NSRR FK RIA cases
The pulse irradiation tests were carried out in 1996-1998 in the Japanese Nuclear Safety
Research Reactor (NSRR) to study the behavior of high burnup BWR fuel under cold startup
reactivity initiated accident conditions. The test fuel rods (FK-1, FK-2 and FK-3) were
refabricated from commercial Japanese BWR (Fukushima-Daiichi Unit 3) irradiated segment
fuel rods, 8x8BJ type (Step I). NSRR tests have been performed in the capsule with stagnant
water at room temperature (20°C, 1 bar).
The FRAPCON generates the “restart” initialization file from the runs of base irradiation. As
the tested fuel rods were refabricated from the mother fuel rods, the “restart” initialization file
should be adapted for fissions gas release quantities and for oxidation layer. The other
burnup-dependent parameters are transmitted to FRAPTRAN without modifications.
FRAPTRAN boundary condition “heat” thermal-hydraulic model was activated with
prescribed cladding temperatures (Fig.5.).

Fig 5. Prescribed and measured cladding temperatures for FK-1 fuel rod.
This case allows testing the finite element mechanical model FEA model developed by VTT
and the new fission gas release model FRAPFGR. The results obtained with both the
FRAPFGR and the default Massih models are compared with the experimental data for the
base irradiation (Fig. 6.). The Massih model under-predicts the experimental data and
FRAPFGR model over-predicts highly the experimental data. The application of bias of 0.75σ on FRAPFGR model allows better agreement with the measurements.
The new FEA mechanical model and the default FRACAS-I mechanical model are compared
in Fig.7. The FRACAS-I model highly overestimates the measured value. In case of FEA
model, the testing of different friction coefficients was necessary due to the lack of detailed
information. As it is very difficult to justify the friction coefficients, only the FRACAS-I model
will be used for the further calculations.
The results from simulation of the NSRR BWR rods RIA tests indicate that the RIA fuel
thermal behaviour (enthalpy, fuel temperature) is well predicted with FRAPCON and
FRAPTRAN codes. The prediction of mechanical behaviour is quite difficult. The use of
default FRACAS-I model seems to be more appropriated before further improvement and
validation of the FEA model.

Fig 6. Fission gas steady-state release results for FK-1 rod obtained with different models
(Measured value at end of irradiation is 1.5%).

Fig 7. Calculated cladding axial elongation for FK-1 rod calculated and measured value.

3.2

Contribution to the OECD fuel rod codes RIA benchmark

The RIA fuel codes benchmark is organised in the frame of the activities of the Working
Group on Fuel Safety (WGFS) of the OECD/NEA [7]. The objective is to assess the
capability and accuracy of the existing fuel rod codes to simulate fuel behaviours and
evaluate the proposed safety criteria for the design basis RIA.
The selected cases are 4 RIA experiments that were or will be conducted on very similar
rods in both CABRI and NSRR test reactors. These rods, fabricated by ENUSA, are standard
PWR 17x17 UO2 rods cladded with Zirlo and irradiated in the Vandellos-2 reactor up to a
maximum local burnup close to 75 GWd/t. The four experiments are: CIP0-1, CIP3-1, VA-1
and VA-3. CIP0 test have been performed in the CABRI sodium loop. CIP3 test will be
performed in the CABRI water loop with coolant temperature of 280 °C and coolant pressure
of 155 bar. NSRR tests VA-1 and VA-3 have been performed in the capsules with stagnant
water at room temperature (20°C and 1 bar) or at high temperature (281 °C) and pressure
(70 bar, saturation pressure at the achieved temperature).
TE participated in this benchmark using the FRAPCON/FRAPTRAN codes. FRAPCON3.4
code is used to simulate the base irradiation of the fuel rods, based on the specifications.
The base irradiation has been performed on a real fuel rod in a nuclear power plant but RIA

experiments have been performed on rodlet taken from these rods. The base irradiation for
the test rodlet is thus performed with some adjustment in the input parameters. The
calculation results (burnup, corrosion thickness) are then compared with the available
measured data in order to validate the FRAPCON input model and assumptions.
FRAPTRAN1.4 is used to calculate the transient behaviour of the fuel rodlet during the RIA
test, using the base irradiation obtained with FRAPCON3.4. Two available boundary
condition options are activated.
Figures 8, 9, and 10 illustrate some results from the calculation of CIP3-1 case. The results
from simulation of CABRI and NSRR RIA cases indicate that the fuel thermal-mechanical
behaviour (fuel temperature, variation of enthalpy and deposited energy) is well predicted.
Also, the time of failure is well predicted. Concerning the cladding thermal behaviour, the
correct prediction of cladding temperature is rather difficult.
Preliminary uncertainty and sensitivity analyses have been performed for the
FRAPCON/FRAPTRAN simulation of the CIP3-1 case [8]. It has been shown that the
prediction of the failure of fuel rod is sensitive to the initial modelling and initialisation of the
following parameters:
 Initial gap thickness;
 Initial cladding spallation;
 Void volume;
 Fission gas release.
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Fig 8. Energy injected and the enthalpy at peak power node (CIP3-1).
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Fig 9. Fuel centreline and pellet surface temperatures at peak power node (CIP3-1).
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4.

Applications to fuel design and safety verification

The objective of the application of the FRAPCON and FRAPTRAN codes consists in
verifying the fuel vendor‟s fuel rod design and performing the independent verification of the
available margins for fuel design and safety assessment.

4.1

Assessment of the fuel rod design

The process of fuel rod design verification is presented in Figure 11.

Fig 11. Process of fuel rod design verification.
As an example of illustration, Tractebel has performed the fuel modelling safety justification
of AP1000 fuel rod design with FRAPCON code. The objective is to assess the design of the
AP1000 17x17 14 foot PWR fuel for an 18 month cycle with Gadolinium rods at high burnup
up to 62 MWd/kg and confirm that the AP1000 safety case would remain acceptable.
For this purpose, the 3D neutronic code PANTHER has been used to simulate an equilibrium
AP1000 core of 18 month cycle with Gadolinium rods. The generated results confirmed the
bounding power history and generated other data for FRAPCON modelling of the AP1000

rod. The FRAPCON calculations were performed for the parameters of interests. Moreover,
uncertainty evaluation with the Root of Mean Square (RMS) method is used to calculate the
maximum values of the interested fuel design parameters.
An example of the parametric sensitivity on fuel temperature as function of gap width
(minimum and maximum) is presented in Figure 12. The final results for the calculated
parameters of interests (best estimate and uncertainty) are summarized in Table 2. The
analyses showed that the conservative rod internal pressure exceeds the system pressure at
high burnup. However the non-liftoff (or gap non-opening) pressure limit (in the order of 200250 bar) may be respected. This should be verified by the additional validation of FRAPCON
for determination of the non-liftoff pressure limit based on Halden tests.

Fig 12. Sensitivity of fuel centreline temperature on pellet-clad gap variation.

Fission Gas Release

Best-estimate

Uncertainty

Total

10.60%

4.90%

15.50%

Rod Internal Pressure
132.5 bar
42 bar
174.5 bar
Fuel Centreline
Temperature
1440 °C
33.7 °C
1473.7 °C
Tab 2: AP1000 fuel rod design verification results.
The calculated results confirm the feasibility of licensing the AP1000 fuel design for an 18
month cycle with Gadolinium rods at high burnup up to 62 MWd/kg.

4.2

Verification of RIA fuel rod behaviour

The main safety concern during a RIA accident is that any consequential damage to the core
must not prevent long-term core coolability and possible damage to the reactor pressure
boundary. This is verified in accident analyses for the safety analysis report. For independent
verification, the maximum value of each relevant fuel safety parameters (fuel enthalpy
increase, fuel temperature and cladding temperature) should be calculated with fuel rod
codes and compared to the defined safety criteria for each analysed case.
The process of RIA safety verification is presented in Figure 13. Modelling of RIA accidents
involves the simultaneous solution of equations for neutron transport, heat transport within
the fuel rods and across the clad-to-coolant interface, and coolant thermal-hydraulics. These

phenomena and equations are strongly interconnected. Tractebel has intended to apply the
multi-physics code package and uncertainty analysis method for RIA safety verification [9],
namely:
 Core neutronic (space-time variation of fuel assembly power) behaviour is provided
by 3D neutronic code PANTHER, using simplified fuel rod model to provide fuel
temperature feedback;
 Coolant conditions are calculated by sub-channel thermal hydraulics code COBRA,
which is coupled with PANTHER code to provide moderator feedbacks;
 Fuel thermal calculations with FRAPCON/FRAPTRAN are decoupled from neutronic
calculation code. A linkage is being developed to generate and transfer the transient
rods data. Also, the assumptions and calculations of the fuel temperature and fuel
enthalpy are decoupled from the cladding temperature assumptions and calculations.

Fig 13. Flow chart for RIA safety verification.
The mechanical behaviour and parameters are not analysed for safety verification. The fuel
enthalpy and fuel temperature are principally dependent on fuel rod average power and are
not impacted by boundary conditions. The cladding temperature is dependent on boundary
conditions, but also on pellet-cladding gap thickness. The pellet-cladding gap thickness is
initialised by FRAPCON calculations.
As an example of application, Tractebel has performed a rod ejection accident (REA) safety
verification of one of the Belgian Nuclear Power Plants with 3-loops and a core of 157 fuel
assemblies. The fuel management strategy is a high leakage loading pattern with gadolinium
as burnable poison and 18 month cycle length. As in the final safety analysis report, four
limiting RIA cases are analyzed at Beginning of cycle (BOC) and end of cycle (EOC) and for
hot zero power (HZP) and hot full power (HFP) power levels. The pin power distributions
through the reactor core are calculated by PANTHER neutronic code (two-dimensional node
averaged fluxes are used). The most penalizing rods regarding the generated nuclear power
is analysed for each of these cases.
The verification of the safety criteria has been performed with FRAPCON and FRAPTRAN
codes. The normal operation pre-transient calculations are done by FRAPCON.

Uncertainties are applied on the initial power level, nuclear power pulse and static peaking
factor. Best-estimate fuel rod geometry is modelled in deterministic approach.
An example of the calculated results is given in Figure 14, which allows:
 Comparing the calculated results with vendor‟s results;
 Evaluating the margins for utilities‟ verification.

Fig 14. Fuel temperature, cladding temperature and nuclear power at HFP EOC RIA
conditions.

5.

Conclusions and perspectives

The independent validation of FRAPCON and FRAPTRAN codes has been performed at
Tractebel by participation in several different international fuel rod codes benchmarks, such
as IAEA FUMEX III (e.g., Studsvik Super-ramp PK rods, NSRR BWR FK rods) and OECD
RIA fuel rod codes benchmark (CABRI CIP rods CIP and NSRR VA rods). The calculation
results have been compared with the available experimental data and the calculation results
of other participants.
It has been shown that FRAPCON/FRAPTRAN predict quite well the thermal behaviour
during steady state and transient conditions, but the mechanical models should be further
improved for better predicting the cladding mechanical behaviour under reactor operation
and transient conditions. Without further improvement and validation, the default FRACAS-I
model should be preferred to new FEA model. It is rather difficult to establish a criterion for
PCMI failure during power ramps. The default Massih fission gas release model tends to
under-predict the fission gas release during steady state and power ramps, while the
FRAPFGR model allows the prediction of FGR during transient but is biased for steady-state
calculations.
The above independent validation, together with the extensive developmental integral
assessments [3-4] and the validation performed by the international user group, allow
Tractebel qualifying the FRAPCON/FRAPTRAN codes for applications to fuel rod design
verification and safety evaluation. Specific methodologies have been developed for such
applications. Some examples of specific applications to AP1000 fuel rod design verification
and to RIA safety verification are presented. These applications allow verifying the results
calculated by the vendors and quantifying the available margins.
The future work consists in development of the linkage between the 3D neutronic code
PANTHER and the fuel rod codes FRAPCON and FRAPTRAN allowing thermal mechanic

analyses of the subject fuel rods, and assessment of the fuel rod models in both PANTHER
and COBRA. Development is also ongoing to incorporate the uncertainty and sensitivity
analysis into the multi-physics code package allowing propagation of the uncertainties
between different codes [9]. The final objective is to use the multi-physics code package and
the uncertainty analysis method for fuel rod design verification and safety evaluation.
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ABSTRACT
Grain boundary gas bubble growth and fission gas release (FGR) were
analyzed for the high burnup PWR fuel which was pulse-irradiated in the simulated
Reactivity-Initiated Accident (RIA) experiment conducted at the NSRR (Nuclear
Safety Research Reactor) of the Japan Atomic Energy Agency. The analysis
adopts two new models: during base-irradiation FEMAXI-7 calculates fission gas
bubble growth in grain boundary by a rate-law model to have a precise evaluation
of grain boundary gas inventory, while RANNS calculates the burst release of gas
from grain boundary bubbles by a grain separation model in the rapidly heated
pellet. The calculated results were compared with the measured data, which
resulted in a rough agreement for the amount of FGR occurred in the NSRR
experiment. This suggests that the new models contribute to a better prediction but
have some improvements remaining.

1. Introduction
In high burnup fuels of LWRs, a large amount of fission gas is accumulated in pellets.
In Reactivity-Initiated Accident (RIA), fuels are rapidly heated up, which induces the thermal
expansion of grain boundary fission gas bubbles and grain separation, leading to a burst
release of fission gas. This burst release will increase the internal pressure of rod and may
lead to cladding ballooning. In the NSRR experiments, such burst release has been
observed. However, the measured real-time data is limited, which necessitates the code
analysis to investigate the process of fission gas release in a fast transient. For this purpose,
the present study performs analysis on the NSRR experiment by using rate-law bubble
growth and grain separation models.
Centerline

2. Method and models

Gap or Bonding layer ZrO2

2.1 Basic geometry of FEMAXI1) and RANNS2)
The two codes have the same analytical
geometry described in Fig.1, in which pellet
stack is divided into 36 iso-volumetric ring
elements, and cladding metal part is divided
into 8 iso-thickness ring elements, plus 2 oxide
elements in the outer surface.
2.2
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ring elements

Cladding
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Fig.1 Analytical geometry

Calculation of base-irradiation

FEMAXI-7 calculates the fuel state change during base-irradiation and generates a
re-start file at EOL. RANNS reads the re-start file as one of the initial conditions of the
NSRR experiment to perform transient analysis. RODBURN3) calculates the fuel power
density profile in the radial direction of pellet as a function of pellet-average burnup to be
taken into account in FEMAXI-7 and RANNS.
2.3 FGR model associated with fission gas inventory in grain boundary

1

The FGR model calculation for base irradiation consists of the four stages: fission gas
atoms generation inside grains and diffusion into grain boundaries, accumulation of gas
atoms in grain boundaries, formation of gas bubbles and growth, tunneling of the bubbles
and gas release to free space. Considering that the grain boundary gas bubbles occupy
almost all the gas inventory in grain boundary, it is important to evaluate the amount of this
grain boundary bubble gas.
2.3.1 Grain boundary gas bubble growth model
The present model adopts a rate-law model of Kogai4) and Van Uffelen5). This model
enables us to evaluate the grain boundary gas inventory more realistically than the
well-known equilibrium model of White+Tucker+Speight6). In this model, a gas bubble
grows by overpressure surmounting the compressive stress from surrounding matrix and
surface tension. Also, influxes of fission gas atoms and vacancies are essential factors for
the bubble growth. The growing rate equation of bubble curvature radius rf is as follows:

Overpressure term
s 2 DV 
rf  F R A D
 2 bd gb
4 rf f ( kT
)

Bubble gas pressure
where


2  2
 Pbubble  Pext 
  k f
r
f



Solid restraint

(1)

Surface tension

s : bubble spacing,

 bd : grain boundary thickness,
DVgb : grain boundary diffusion const. of vacancy,

 : atomic volume of Xe,
k 2f :vacancy sink strength, and
FRAD: FGR adjustment factor for FGR and pellet swelling rate
during base-irradiation.
2.3.2 Criteria of gas release from grain boundary bubbles
The bubble radius rf =0.5m was used as criterion for gas release from bubbles since
the gas release behavior has been well reproduced in the calculation by this criterion in the
equilibrium model. Gas conductance from bubbles to free space adopts the capillary model.
However, a tuning factor FRAD is used in eq.(1) to adjust the capillary conductance to
obtain a reasonable prediction of FGR and bubble swelling (diameter change) during
base-irradiation in comparison with measurement.
2. 4 Grain separation model and burst release of fission gas in RIA transient
The gas bubbles exist as the grain boundary gas inventory in fuel pellets after
base-irradiation. In a fast power transient in RIA experiments, temperature of the fuel is
elevated and the grain separation occurs when bubble expanding force exceeds the
compressive force from surroundings. The compressive force is a sum of grain boundary
combining force, thermal stress, and reactive force from cladding due to PCMI. Here, the
calculation is conducted with respect to temperature, gas amount, bubble size, and
compressive force at each ring element, and determines if the grain separation condition is
fulfilled or not at each time step. In a ring element in which grain separation occurs, it is
assumed that all the grain boundary bubble (inventory) gas is instantaneously released.
2.4.1 Generation of separation force by expanding gas bubbles

2

Here, binding force of the grain boundary is assumed as:

c  C

E
L0

(2)

where
E: Young’s modulus,
 : surface energy,

L0 :UO2 crystal lattice distance,
C：tuning factor.
In one grain, area of grain boundary which is not covered by gas bubbles is:

S gr  4 ag2  (1.0  f b )

(3)

where f b is the ratio of gas bubble coverage for the grain and a g is radius of grain, so that
grain boundary combining force Fgrain is:



E
Fgrain  ( c  Pext )S gr  4 ag2  ( 1 
. 0f b  C)
 Pext  .
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The assumed expanding force of gas bubbles Fgas is:



Fgas  4 ag2  f b  Pgas 

2 rf



 .


(4)

(5)

Therefore, when Fgas  Fgrain is satisfied, grain separation occurs. The present model
assumes that on grain separation, rod internal pressure rises due to released gas. However
in an actual fuel, disappearances of the bubbles and their contribution to swelling would be
time-dependent phenomena because of the gradual gas release through capillary
impedance.
2.4.2

Gas release and internal pressure in a ring element

It is assumed that the gas pressure Pgas and volume vi  N b , i inside the ring element
-i- in which grain separation occurs is approximately determined by the state equation for
the total gas in the ring element -i- as follows:
(6)
Pgas vi  Nb, i  mi  Nb, i B  mi Nb, i kTi ,





where vi is the volume of one gas bubble, mi is the total number of gas atoms in a bubble,
N b , i is the total number of bubbles in the element -i-, B is the van der Waals constant of
fission gas, k is the Boltzmann constant, and Ti is the temperature of the element -i-.
2.5 Target fuel and analytical parameters
The target fuel of the analysis is a PWR fuel which was irradiated at Oi PPT of Kansai
Electric Power Company7). The ID of this fuel is OI-12 in the NSRR experiments. Design
parameters, base-irradiation conditions are listed in Table 1, and NSRR test conditions are
listed in Table 2. Also, a simplified ALHR history adopted in the FEMAXI-7 calculation is
shown in Fig.2, and pulse power shape in the NSRR experiment is shown in Fig.3.
Table 1 Design parameters and Test conditions of OI-122), 7)
Pellet diam.=8.05 mm, Enrichment=4.5%, Density= 95%TD
Cladding = NDA, diameter (inner & outer) 8.22 - 9.50mm, diameter gap=170m
EOL conditions measured by PIE
Cladding diameter = ~9.48 mm, Oxide thickness= ~41 m
Pellet average burnup = 61 GWd/t, Measured FGR at EOL= 0.45 %
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Table 2
Test conditions in the NSRR experiment7)
Test rod stack length=113 mm, Plenum volume=0.26cm3
Initial internal pressure by He =0.1 MPa, Coolant=1atm. water at room temperature.
Peak fuel enthalpy= 600 J/g, No failure of cladding, FGR during test= 22.4 % by PIE.
Linear heat rate (MW/m)

Average LHR (W/cm)

70

200
150
100
50
0

Fig.2
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Fig.3 Pulse power of OI-12 at NSRR

3. Results and discussion
3.1

Calculated fuel temperature and FGR during base-irradiation in OI-12 rod

0.6
1
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5
8
14
26

500

0
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Fig.4

GB bubble radius (m)

Fuel element temperature (C)

Fuel temperatures and grain boundary bubble sizes of several ring elements are shown in
Figs.4 and 5, respectively. In these figures, numbers on the curves indicate the ring element
number. “1” is the center element and “36” the outermost element. The calculated FGR is
0.78 % at EOL, which is roughly identical to the PIE data (0.45 %). Fig.5 indicates that the
bubbles in the center ring element #1 reach the release threshold of 0.5m, and that the
bubbles in the other elements do not grow sufficiently to give rise to the gas release.
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Calculated fuel center
temperatures of OI-12.

5
8

0.3
14

0.2
18
36

0.1
0.0

10 20 30 40 50 60
Rod average burnup (GWd/tU)

1

0.4

0

10 20 30 40 50 60
Rod average burnup (GWd/tU)

Fig.5 Calculated grain boundary
gas bubble radius of OI-12.

In the peripheral region of pellet, typically in element #36 in Fig.5, it is expected that the
rim structure containing gas pores have formed in the actual rod. However, the present
calculation does not take into account of the gas pores in the rim structure. Modeling of
effect of the pores is one of the tasks remaining.
3.2

Comparison of EPMA signals and calculation

Fig.6 shows a comparison of relative intensity of EPMA signals (light blue) of Xe and
calculated relative fission gas density at EOL. The signals have a considerable scattering
but indicate no clear depression in the central region where calculation predicts FGR, while
several drops-off of signals are seen in the pellet cracks. In the actual rod, some amount of
fission gas may have released from these cracks in a dispersive way.
Between the calculated curves, the hatched area corresponds to the gas inventory
retained in the grain boundary. Also, the depression of signals at the outer periphery of

4

Relative intensity of Xe signal by EPMA

pellet is attributable to the formation of gas pores which could not be detected by EPMA in
the rim structure. This suggests again that the present model should include the effect of rim
structure formation on the black curve.
2.0

Total generation denisty
of fission gas atoms
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Comparison of EPMA (Xe) signals and calculated relative
density of fission gas atoms at EOL of OI-12.

3.3 FGR of OI-12 in the NSRR experiment
Fig.7 shows the pellet temperature profiles calculated by RANNS. The temperature
sharply rises on pulse irradiation, i.e. after 0.24s, particularly at the peripheral region due to
power peaking, which induces grain separation and burst release of gas. Fig.8 compares
the calculated FGR increase and the PIE result, i.e.22.4%. The RANNS model predicts an
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5
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FGR induced by grain
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Fig.7 Pellet temperature profiles
almost prompt grain separation and FGR within a
few ms, and the final FGR is to some extent lower
than the PIE measured value. In some NSRR
experiments using PWR rods, FGR from the rim
structure has been observed, though its
contribution to the overall FGR is not so large8).
Therefore, the calculated FGR would increase to
a small extent and lead to a better agreement of
FGR, if additional FGR from the pores in the rim
structure is taken into account.
Fig.9 shows a comparison of rod internal
pressure between calculation and measurement
during the NSRR experiment. The pressure rise
induced by FGR appears prompt in the
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3.0

calculation but has a gradual increase in the measurement. The final level is also different.
This is mainly due to the two factors: the released gas did not immediately reach the
sensor due to the low conductance, or impedance inside the pellet stack, and the actual rod
may have a larger inner space, e.g. conductance space to a pressure sensor etc. than the
nominal plenum value used in the calculation. Modeling of this gas impedance is one of
tasks remaining.

4. Conclusions
The rate-law model of grain boundary gas bubble growth in FEMAXI-7 can give a
reasonable estimate of fission gas inventory in grain boundary, though the model should
include gas pore formation in the rim structure.
The RANNS model, which is based on the release of grain boundary gas inventory on
grain separation, predicts a prompt gas release and lower FGR but higher internal pressure
in comparison with the measurement. This suggests some improvements remaining in
terms of impedance in pellet stack.
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ABSTRACT
We have modelled the mechanical stress state in the internal zirconia and pre-transition waterside
layer that formed during irradiation in PWR, taking specific zirconia/metal interface undulations into
account. Calculations highlight stress concentration near the interface, which is consistent with the
phenomenology of waterside corrosion. For the internal zirconia layer, the stress distribution was
expected to lead to the initiation of cracks at the zirconia surface. As these cracks were not observed,
we propose to explain the ability of the internal layer to remain protective by taking into consideration
the effects of recoil-implanted fission fragments on the internal zirconia layer formation. Irradiationenhanced visco-plasticity and surface mass rearrangement could lead to stress relaxation and
formation of surface ridges.

1. Introduction
In PWR, the closure of the pellet/clad gap leads to a tight contact between these two
components, as a result of pellet swelling and cladding creep-down. Migration of oxygen
from the pellet to the cladding inner surface occurs by solid diffusion at 400°C and leads to
the formation of a zirconia layer. A thickness of 5 µm first grows very quickly but does not
exceed a dozen micrometers at high burnup. Post-irradiation examinations show that all or
part of the outer surface of the pellet can be bound to the clad through this zirconia layer.
The layer brings out a specific evolution of its free surface, as surface ridges are formed
during irradiation (cf. Fig 1 (a) [1]). These ridges, axially directed, enable a thorough
interpenetration of this layer with the pellet and provide a mechanical anchor and a chemical
interaction, delaying or preventing the reopening of the gap.
Unlike internal corrosion, waterside corrosion of zirconium alloys has been studied since their
development for use as nuclear fuel cladding in the early 1950s [2]. In water, clad oxidation
occurs in two stages, referred to as pre- and post-transition regimes. In the pre-transition
regime, a dense and protective layer of mixed tetragonal and monoclinic zirconia is formed.
The surface in contact with the water is flat (Fig 1 (b) [3]). This layer is subjected to high
compressive stresses, because of the volume expansion of the Zr lattice during the metal-tozirconia transformation. The mechanical stress level in the zirconia is often related to kinetics
transition for a 2-3 µm layer and to monoclinic-tetragonal phase transformation in the zirconia
near the interface. The layer thus loses its protective nature and tetragonal zirconia is
destabilized. In the post-transition regime, cyclic degradation of a 2-3 µm protective sub-layer
near the interface implies that oxidation rate comes close to a linear rate and that oxygen
diffusion in the clad is very limited (~ 1 µm) [4] even for large thicknesses of zirconia.
These features suggest that, during irradiation, the internal corrosion layer would remain
protective, according to its limited thickness and its large oxygen diffusion length in the clad
[5]. For that reason, we make the hypothesis that the mechanism of oxygen migration
through the internal layer is the same as in the waterside sub-layer, eventually accelerated
by irradiation, but the thickness of the protective layer differs. On the contrary, oxygen intake
takes place at the surface of the protective sub-layer for waterside corrosion, whereas it
starts at the surface of the whole layer for internal corrosion. That’s why the internal zirconia
layer is here referred to pre-transition waterside zirconia layer, for which layer growth is
governed by a diffusion rate-limiting mechanism in the zirconia growing inward into the metal
and is moderated by the dissolution of oxygen in the metal (-Zr(O) phase).

One reason for the differentiation between internal and waterside corrosion could lie in
differences in undulating morphology of zirconia/metal interface which greatly influence the
stress state near the interface [6-7]. During the pre-transition regime, amplitude of
undulations increases [8] and could be caused by the minimization of the stresses generated
at the interface during the layer growth. Without data on interface morphology of internal
zirconia, we suppose that initiation mechanism of undulations is the same for waterside and
internal zirconia layer. According to Fig 1, differences in interface undulations are tested by
mechanical modelling, taking into account the fact that geometrical parameters of interface
undulations for the internal zirconia layer are much bigger than those of waterside corrosion
(cf Fig 1).

pellet
zirconia

clad
(a)
(b)
Fig 1: (a) Internal zirconia in front of a pellet pore [1].
(b) Waterside zirconia layer of Zy4 (out-of-pile) [3].

2. Mechanical model
The numerical simulations were performed with the finite element CAST3M code applied to a
2D-r mesh which contains 2 domains: the zirconia layer and the clad (570 µm). We used an
elastic model for plane strain calculations. The metal/zirconia interface follows a sinusoidal
evolution and can be described as valleys (oxidation delays with concave curvature) and hills
(oxidation progress with convex curvature). Because of geometrical symmetries, only a half
wavelength of undulations has been modelled (cf. Fig 2). Oxygen concentration is imposed in
the zirconia as in the clad, according to experimental oxygen profiles, and acts as a free
strain. In the clad, this strain, called chemical expansion strain, is supposed to be isotropic
and proportional to oxygen concentration [9], which follows a decreasing erfc evolution. In
the zirconia, we follow the approach of Parise [7], in which the metal-to-zirconia
transformation at the interface results in an orthotropic strain tensor. Two types of interface
undulations and oxygen diffusion profile in the clad are simulated: small ones for waterside
zirconia and large ones for internal zirconia. Table 1 presents the parameters used for the
simulation.
Geometrical parameters
Internal layer Waterside layer
Zirconia
Mean thickness
7.7 µm
1.9 µm
Wavelength of undulations
10 µm
1 µm
Amplitude of undulations
600 nm
60 nm
Clad
Oxygen diffusion length
25 µm
370 nm
Mechanical parameters
Zirconia
Clad
Young Modulus E (GPa)
100
70
0.3
0.3
Poisson coefficient 
Free strain tensor
r = 0.54
 = 0.011
(at the interface)
 = 0.003
Table 1: Parameters used for the model.

3. Results
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Fig 2: (a) Schematic representation of the simulated geometry.
(b) Hoop stress distribution in the internal zirconia layer (blue and green zones in
compression, red and orange zones in tension).
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Fig 3: Comparison between simulated hoop
stress and experimental stress distribution
measured by Raman spectroscopy
for waterside pre-transition zirconia layer [8].

Fig 4: Calculated hoop stress distribution
across internal zirconia layer
in front of a hill (red) and a valley (green).

Figure 3 and 4 present hoop stress across the zirconia layer, along a line in front of a hill (red
line in Fig 3 and 4) and a valley (green line in Fig 4). These lines are represented Figure 2,
on the mesh used for the calculation in the case of internal corrosion. Our calculations show
evidence of high stresses at the interface. The zirconia hill leads to compressive stresses
while the zirconia valley leads to tensile stresses. In what follows, we first show that our
results are consistent with existing literature on waterside corrosion. Thereafter, we outline
the effects of fission fragments on internal corrosion.

4. Discussion
4.1. Influence of interface undulations on waterside corrosion layer
For the pre-transition waterside layer, i.e. small zirconia thickness and small undulating
parameters, the hoop stress remains almost constant (~ - 400 MPa) and compressive at the
surface even though it is strongly affected near the interface. Distribution of compressive
stresses across the zirconia was measured by Godlewski [6] and is compared to simulated
hoop stress in front of a hill (cf. Fig 3). The strong correlation between experimental and
simulated results validates the mechanical approach of the zirconia layer. Moreover, as seen
in previous mechanical modelling [7], significant tensile stresses are generated in the
zirconia near the valleys. They could initiate lateral cracks observed experimentally (cf. Fig 1
(b)), the majority of which are located above these valleys [8].
The causal relation between cyclic lateral cracks in the layer and the transformation from a
tetragonal to a monoclinic zirconia phase is not well established nowadays, but this
transformation often goes with kinetics transition. Experiments show that small equiaxed
grains favour the presence of tetragonal phase and the appearance of lateral cracks near the
interface [10] and that the crystal structure of precipitates is likely to influence the stability of
the tetragonal zirconia [11]. As internal zirconia seems to remain fully tetragonal, we
conclude that no transition can occur for internal zirconia; only isolated cracks could be
initiated near the interface.
4.2. The effects of fission fragments on the internal corrosion layer
Figure 4 presents a simulated hoop stress state across the internal zirconia layer in front of a
hill (red) and a valley (green). As previously noted, compressive stresses are generated near
the hills and tensile stresses near the valleys. However, this modelling brings out a strong
stress gradient along the zirconia surface with compressive stresses facing valleys and
tensile stresses facing hills (cf. Fig 2). These local tensile hoop stresses would be expected
to lead to radial cracks on the zirconia surface in front of the hills, thus questioning the
structural integrity of the layer. Nevertheless, these cracks are not observed in internal
zirconia. There should therefore be a mechanism of stress relaxation that is not taken into
account in the design assumptions. We propose to explain how internal zirconia remains
protective, regarding the effects of fission fragments on mechanical behaviour and on the
surface flatness of the zirconia layer.
Effect on mechanical behaviour
Considering the proximity of the pellet with the inner side of the clad, fission fragments
created on the edge of the pellet with a 70-100 MeV energy range are implanted in the clad
and in the zirconia layer by direct recoil for a 5-6 µm mean free path. A well-known
consequence of the implantation of fission fragments in the zirconia is the high level of
radiation damage in the first micrometers of the subsurface inner layer, which is about 150
dpa per nuclear reactor cycle. Accumulation of high concentration of defects, particularly the
creation of anionic vacancies due to charge balance with cationic fragments, leads to
accelerated diffusion of oxygen in zirconia and explains the high growth rate of the zirconia
layer in the first 5 micrometers. Moreover, vacancies induce a monoclinic-to-tetragonal phase

transformation of zirconia via a martensitic-type lattice strain at high ionic fluence, as was
experimentally demonstrated [12].
Others defects induced by fission fragments have already been observed such as dense
dislocation networks [13]. Therefore, increasing the dislocation network density could favour
a plastic strain of the layer [14], leading to a mechanical stress relaxation. Moreover,
activating phenomena such as diffusion-creep, which normally operates at high temperatures
but made possible at 400°C thanks to anionic vacancies over-saturation, could enable a
viscous behaviour and the development of large strains. The formation of lateral cracks could
then be hindered thanks to a visco-plastic behaviour of the zirconia layer induced by the
implantation of fission fragments. Because of the possibility of stress relaxation which
prevents from lateral cracks in the internal layer, ionic irradiation promotes the protective
nature of the layer and hence, has a beneficial effect on corrosion resistance.
Effect on surface flatness
As the zirconia layer and the undulations grow, a strong stress gradient is generated along
the zirconia surface (cf Fig 4). The resulting elastic energy stored at the surface can be a
driving force for surface diffusion which can explain the formation of ridges. What provides a
central role in mass transport problem is the generalized chemical potential. On the surface,
this potential is linked to the elastic energy density [15]. The non-uniformity of the mechanical
stress state on the surface thus leads to the development of a chemical potential gradient.
Consequently, chemical species could diffuse along the surface in order to establish a new
shape that minimizes the chemical potential by the relaxation of mechanical stresses. This
relaxation decreases the stored elastic energy and, for wavelengths larger than a critical
value, the surface shape becomes unstable [16], because the total elastic energy variation
always remains negative. This could lead to the formation of the internal corrosion ridges, as
represented in Figure 5. Accelerated surface diffusion of zirconium and oxygen induced by
fission fragment irradiation could favour the mass transport by stress-driven diffusion that is
otherwise generally slow. The formation of ridges induced by fission fragments is then a
mechanism that decreases surface stresses and prevents the formation of possible radial
cracks at the zirconia surface.
zirconia
Possible
radial crack

zirconia
metal
metal

Fig 5: Schematic representation of the evolution of interface undulations and surface ridges.

5. Conclusion
An elastic mechanical model has been used to estimate the stress state generated in the
waterside and internal corrosion layer. The impact of interface undulations has been
underlined, based on the protective nature of the pre-transition and internal zirconia layer.
Calculated mechanical stresses are coherent with experimental data for waterside corrosion.
Our results highlight an original effect of interface undulations: the existence of a strong
stress gradient at the zirconia surface with tensile and compressive zones. Radial cracks
would be expected to occur at the surface in tensile zones. However, as they are not
observed, the effects of fission fragments, and more specifically irradiation-enhanced
mechanisms such as visco-plastic behaviour or stress-driven surface diffusion, are put
forward in order to explain the possibility of stress relaxation, thus maintaining the protectivity
of the internal zirconia layer, contrary to the waterside layer. As the layer grows, its plane
surface becomes mechanically instable and can lead to the formation of the specific ridges
seen in Figure 1 (a).
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ABSTRACT
Maintaining integrity of the cladding in light water reactor fuel rods is essential for
ensuring that it fulfills its role of preventing fission product release. Local geometric
irregularities in fuel pellets caused by manufacturing defects known as missing
pellet surfaces (MPS) can in some circumstances lead to elevated cladding
stresses that are sufficiently high to cause cladding failure. Accurate modeling of
these defects can help prevent these types of failures. The BISON fuel
performance code developed at Idaho National Laboratory is capable of modeling
fuel in either 2D or 3D, and can be used to simulate the global thermo-mechanical
fuel rod behavior, including evolution of the thermal and mechanical properties of
the fuel as it undergoes fission, fission gas production and release, and the effect
of that gas on the thermal conductivity across the fuel-clad gap. Local defects can
be modeled by directly including them in the 3D fuel rod model. This allows for the
complete set of physics used in a fuel performance analysis to be included
naturally in the computational representation of the local defect, and for the effects
of the local defect to be coupled with the global fuel rod model. This approach for
modeling fuel with MPS defects is demonstrated and the benefits of this approach
are highlighted. The effects of varying parameters of the MPS defect are studied
using this technique and presented here.

1.

Introduction

The cladding of light water reactor fuel rods serves as a first barrier against fission
product release. Consequently, it is important to design fuel and limit the conditions
imposed on it to prevent cladding failure due to mechanical interactions with fuel
pellets. Cladding stresses can be effectively limited by controlling power increase
rates. However, manufacturing defects known as missing pellet surfaces (MPS) in
fuel pellets can cause conditions that can potentially lead to cladding failure [1][2].
Accurate modeling of these defects can help prevent these types of failures.
Nuclear fuel performance codes commonly use a 1.5D (axisymmetric, axiallystacked, one-dimensional radial) or 2D axisymmetric representation of the fuel rod.
To study the influence of MPS defects on the cladding, results from 1.5D or 2D fuel
performance analyses are typically mapped to thermo-mechanical models that
consist of a 2D plane-strain slice or a full 3D representation of the geometry of the
pellet and clad in the region of the defect [2][3].
There are three main potential sources of error due to mapping results from global
fuel rod simulations to local 2D or 3D models of the defect. The first of these is that
errors can be introduced in mapping results from a fuel rod model to provide the
boundary conditions for a local model of the defect region. Secondly, the
fuel/cladding system is influenced by multiple coupled physics, all of which influence
both the global behavior of that system as well as the behavior in the region of a
defect. These physics and behavior models are typically included in a fuel rod
simulation, but may not necessarily be included in a local model of the region near

the defect. Finally, the geometry of the MPS defect is inherently 3D. Problems can
arise due to the use of reduced dimensionality models of the defect region.
To address the sources of error outlined above, a 3D coupled multiphysics fuel
performance code is used to model sections of fuel rods that include a pellet with a
defect. A single 3D model is used to model both the global fuel performance and the
local effects of the defect, so there is no need to map results between two models.
The complete set of coupled physics and behavior models used in the fuel rod
simulation is also used to model the region of the defect, and because the model is in
3D, its dimensionality is appropriate for the phenomena it is used to simulate.
2.

3D Multiphysics Fuel Modeling Code

The BISON fuel performance code [5] developed at Idaho National Laboratory (INL)
is used in this work. BISON is an application built on the Multiphysics ObjectOriented Simulation Environment (MOOSE) multiphysics framework [6], also
developed at INL. MOOSE is a massively parallel finite element framework for
implicitly solving tightly coupled sets of partial differential equations using the
Jacobian-Free Newton Krylov method. MOOSE supports 2D and 3D meshes, and its
architecture facilitates adding new material models and coupled physics.
BISON uses the MOOSE framework to solve the coupled equations relevant to fuel
performance. It can solve the heat conduction, species diffusion, and solid
mechanics equations, and provides constitutive and behavior models that are
dependent on those physics. Its thermal conductivity models are dependent on
temperature, porosity, and burnup. Models are provided for swelling, densification,
and creep due to temperature and irradiation. Relocation and smeared cracking
models account for fracture. Fission gas production and release are also modeled.
BISON employs either a 2D axisymmetric or 3D representation of the full fuel rod.
Finite elements using either a linear or quadratic interpolation of the field variables
can be used. A master-slave contact algorithm is used for both mechanical and
thermal contact between the fuel pellets and the cladding.
The contact algorithm consists of a geometric search phase, in which nodes on the
slave surface are paired with the element faces on the master surface onto which
they are currently projected, and an enforcement phase. In the enforcement phase,
mechanical contact is enforced using penalty constraints that push nodes that have
penetrated the master surface to that surface, and the contact force is distributed to
the nodes connected to the master face. BISON can currently enforce either
frictionless or tied contact. Frictionless contact is used in the work presented here.
Frictional contact forces play an important role in this type of simulation, and work is
currently underway to implement this capability in BISON. Heat transfer across the
gap is calculated using a gap conductance model that is a function of distance, fill
gas composition, and contact pressure.
3.

Models of fuel rod segment with defects

BISON is used to simulate the effects of MPS defects on the pellet and cladding in
the region of those defects. A rod segment containing a small number of pellets is
modeled in detail in 3D, and the geometric details of the MPS defect is included in

the single computational model used to calculate both the general fuel behavior and
the local effects in the region of the defect.
Figure 1 shows two finite element meshes of rod segments with imperfections used
in this work. A constant-depth missing surface extends over the full depth of a pellet
at the center of the five-pellet segment in each of these models. One case has a
0.25mm deep defect, and the other has a 0.5mm deep defect. Both of these models
are run under the same conditions to study the effect of varying the imperfection
depth. The models take advantage of a symmetry plane passing through the center
of the defect, and boundary conditions are applied to enforce symmetry conditions.
Both models have 106589 nodes and 22578 20-noded quadratic elements.
Quadratic elements are used for both the fuel and the cladding because they
smoothly represent 3D curved geometry for thermal and mechanical contact.
Running these models over a representative time history of approximately 2.5 years
typically requires around 90 time steps. Each model was run with 160 cores on a
computer with 2.4 GHz, 8-core AMD Opteron processors, and required approximately
11 hours to complete.

0.25mm defect
0.5mm defect
0.25mm defect
0.5mm defect
Figure 1: Computational meshes of rod segments with a defective pellet
Coupled heat conduction and solid mechanics equations are solved. The pellets
have temperature and burnup-dependent conductivity and swelling, and are modeled
as linear elastic with thermal expansion. Although BISON has capabilities to model
relocation, cracking, and creep in oxide fuel, these features were not used in the work
presented here. These are important for realistic modeling of fuel, and including
them in analyses of this type will be the subject of future work.
The cladding material has constant thermal conductivity and a combined creep and
plasticity model is used for the mechanical constitutive behavior. Cladding creep is
dependent on both temperature and fast neutron flux. Fission provides a volumetric
heat source to the fuel.
Thermal conductance across the fuel/cladding gap is based on distance, roughness,
gas composition, and surface emissivity. A flux boundary condition is used to model
heat transfer from the cladding to the coolant. This boundary condition employs a
constant convection coefficient to calculate the flux between the cladding surface,
which has a calculated temperature, and the fluid, which has a prescribed
temperature.

The fission rate is uniformly distributed both axially and radially. The idealized power
history shown in Figure 2 is applied to the models in this study. It includes an initial
power-up, base irradiation that includes holding the power constant for a time and
then slowly ramping it down, and then a power ramp after 7e+7 seconds. The power
ramp is expected to cause elevated stress and strain in the region of the defect due
to pellet-clad mechanical interaction.
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Figure 2: Idealized power history
4.

Results

The MPS defect causes elevated temperature at the center of the pellet and in the
region of the pellet adjacent to the defect due to decreased conductance across the
gap at the defect. The clad temperature is reduced in the area immediately across
from the defect, and is elevated in neighboring areas. These effects can be seen in
Figure 3(a), which shows the pellet and clad temperature at the end of the ramp, and
in Figure 3(b), which shows just the clad, with displacements magnified 15x. As
expected, the effects of the MPS defect are more pronounced with the deeper defect.
The distance between the pellet and the clad is much greater adjacent to the MPS
defect than it is for undamaged pellets. This causes a dramatic decrease in the
conductance across the gap and a corresponding decrease in heat transfer between
the pellet and clad adjacent to the defect. The temperature is thus elevated in the
fuel near the surface with the defect. Because of the higher fuel temperature, the
cladding temperature is elevated around the boundaries of the defect, where the gap
conductance is unaffected by the defect. Immediately adjacent to the defect, the
cladding temperature is significantly decreased because of the lower gap
conductance.

0.25mm defect 0.5mm defect
0.25mm defect 0.5mm defect
(a) pellets and clad
(b) clad only (15x displacements)
Figure 3: Temperature at end of power ramp
Figure 4 shows the mechanical effects of the MPS defect. Figures 4(a), 4(b), and
4(c) show contour plots of the von Mises stress, hoop stress, and effective creep
strain in the cladding, respectively. These are shown with displacements magnified
15x at the end of the power ramp for the two different defect depths. For both of
these cases, there are pronounced pellet-clad mechanical interaction (PCMI) effects.
The clad across from the defect bends inward due to the coolant pressure, and is
supported around the boundaries of the defect in the pellet containing the defect and
on the rims of the pellets above and below the defect. These regions have high
contact pressures and elevated stresses in the cladding. This region exhibits
classical plate bending behavior, with high tensile stresses in the interior of the
cladding and high compressive stresses on the exterior of the cladding at the center
of the defect. Around the boundaries of the defect, the stresses are reversed, with
high compressive stresses on the cladding interior and high tensile stresses on the
cladding exterior.
Cladding creep has a significant effect in relaxing stresses, both during the base
irradiation and during the power ramp. As shown in Figure 4(c), the creep strains are
low adjacent to the defect, but high around the boundary of the defect. This is largely
due to the fact that temperatures are lower adjacent to the defect and higher around
its edges.
To determine the effect of creep relaxation during the power ramp, the model with the
0.5mm defect was run with the same set of parameters as the baseline run, but with
a much faster ramp rate. The ramp was applied over 10000 seconds instead of the
baseline 50000 seconds. Figures 5(a) and 5(b) show the hoop stress at the end of
the ramp for the baseline and accelerated power ramps, respectively. The stresses
are higher with the accelerated power ramp, indicating that cladding creep during the
ramp has a measurable stress-relieving effect.

0.25mm defect
0.5mm defect
(a) von Mises stress

0.25mm defect
0.5mm defect
(b) Hoop stress

0.25mm defect
0.5mm defect
(c) Effective creep strain
Figure 4: Stress and strain at end of power ramp (15x displacements)

(a) baseline
(b) high ramp rate (c) glued contact
Figure 5: Effect of ramp rate and glued contact on hoop stress (15x displacements)

Contact friction between the fuel and cladding is another effect that significantly
influences cladding mechanical behavior near the defect. As mentioned previously,
BISON can currently model frictionless and glued contact, but not frictional contact.
Frictionless contact was used in the models presented here. The 0.5mm deep defect
model was also run with the baseline set of parameters, but with glued contact, which
allows no tangential slip once mechanical contact is established. The hoop stresses
at the end of the power ramp are shown in Figure 5(c) for comparison with the
baseline model that used frictionless contact in Figure 5(a). The increased constraint
around the boundaries of the defect due to glued contact result in significantly higher
tensile stresses on the cladding interior at the center of the defect. The actual result
is likely bounded by the results obtained using the frictionless and glued contact
models. This clearly demonstrates the need for a frictional contact model. Work is
currently underway to enable frictional contact in BISON.
MPS defects clearly have a significant effect on the mechanical response in the
cladding in the region of the defect. As shown in the analyses presented here, larger
defects result in elevated stresses in the cladding. Stresses increase with increased
fuel swelling. Because fuel relocation and cracking cause lateral expansion, it is
expected that including those effects will result in increased stresses in 3D models of
MPS defects.
5.

Summary

The BISON coupled-physics code running on parallel computers enables detailed 3D
modeling of fuel rod segments to study the effects of localized imperfections in fuel
pellets. This allows the full set of physics and behavior models used in a fuel
performance simulation to be used in studies of local pellet defects. This modeling
approach is demonstrated on a study of the effects of MPS defects with varying
depths on the thermal and mechanical response of the fuel and cladding. These
results can be used with an appropriate failure criterion to determine whether there is
an elevated risk of leakage due to cracking.
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ABSTRACT
Due to the tight contact between the pellets and cladding at high power level, the axial gas
flow in the gap between pellets and cladding is blocked, which may lead to the fuel rod
internal pressure uneven distribution. This phenomenon is not considered in the current fuel
rod performance analysis code, but can be observed in the IAEA coordinated research project
FUMEX III database. In this paper, a simple method based on diffusion equation is introduced,
and a numerical method is further employed to solve this equation. Taking the COPERNIC
intermediate calculation results as the input, the internal pressure distribution of four rods in
case Riseo 3 of FUMEX III is calculated by this method, and three parameters in diffusion
coefficient are obtained by fitting the experimental data. According to the calculation results, it
may be concluded that the local pressure of a fuel rod is much higher than the average
pressure. The higher pressure is suggested to be taken into consideration in the fuel rod
performance analysis code.
Keywords: internal pressure, uneven distribution, FUMEX III, fuel rod, model

1. Introduction
As the burnup increases, the fuel rod internal pressure gradually becomes one of the most
limiting criteria in fuel rod design[1]. In some 14 ft fuel assemblies, for example EPR[2] or
AP1000[3], in addition to the upper plenum, the lower plenum and annular pellets are used to
contain more gas and reduce the internal pressure.
The IAEA has initialled a coordinated research project on FUel Modeling at EXtended Burnup
(FUMEX). In case Riseo 3 of FUMEX III, the rod internal pressure uneven distribution
phenomenon is found. A simple method based on diffusion equation is developed to predict
the pressure distribution. Three parameters of the method are obtained by comparing the
predictions and the FUEMX III experimental data. Preliminary analysis is carried out, and
several qualitative conclusions are obtained.

2. Experimental phenomenon
In case Riseo 3 of FUMEX III, four irradiated fuel rods were truncated. Pressure transducers
and/or centreline thermocouples were instrumented at the top of these rods. Subsequent
bump tests were carried out, then valuable real time rod internal pressure and temperature
data were acquired. As an example, the measured rod internal pressure and uppermost
pellets centre hole temperature of rod AN3 are shown in Fig. 1.
In Fig. 1, the pellets centre hole temperature had generally the same changing tendency with
the rod power which is not drawn on this figure. The temperature reached about 1430oC when
the rod held at the highest power of 40.7 kW/m. The measured internal pressure of AN3
increased gradually within the first 45 hours. This slow growth of pressure may result from the
consecutive fission gas release from the fuel pellets. At 48 hours of bump test, the fuel centre
hole temperature fell down noticeably and a decline of pressure was supposed to be
observed, whereas the measured internal pressure jumped up rapidly. The similar
phenomenon can be also found in rod AN1, AN4 and AN10 of Riseo 3. The detailed
measured FGR fraction and temperature evolution of rod AN3 when the power decreased is
depicted in Fig. 2. In Fig. 2, it is clear that the gas amount where the pressure transducer

located increased quickly as soon as the temperature fell down.
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Fig. 2 Measured FGR fraction and pellets centre hole temperature of rod AN3
when power changed at 48 hour
Turnbull[4] proposed a possible reason to explain the phenomenon. The high power
exacerbated the pellets and cladding mechanical interaction and this intensive contact might
block up the axial flow passage of fission gas to the plenum. As the gas was continuously
released in the fuel stack, the rod internal pressure distribution became uneven. The pressure
in plenum, where the pressure transducer situated, was smaller than the lower part of the rod.
When the power declined, the passage of gas exchange was reopened and the gas in the
lower part of the rod flows into the plenum, which resulted in the rapid rise in the measured
result of pressure transducer.

3. Gas diffusion
3.1 Diffusion equation
The fuel rod internal pressure distribution problem can be regarded as the problem of how gas
diffuses through different inter-connected fuel rod free volumes. These free volumes in the rod
may include the gap volume between the pellets and cladding, the volume between adjacent
pellets, crack, open porosity, plenum and etc. The general governing equation of gas diffusion
in these volumes can be written as:

∂c(r, t )
(1)
= ∇ ⋅ [D(r, t )∇c(r, t )]
∂t
Where c(r, t ) is the gas concentration at location r and time t ; D(r, t ) is the diffusion

coefficient of gas; and ∇ is the vector differential operator.

3.2 Gap Open
Because of the fast nature of gas diffusion, when the pellets/cladding gap remains open, the
diffusion coefficient D in Eq. (1) is very large. Any gas amount difference ∇c(r, t ) between
varies volumes will be eliminated in a very short time.
In the fuel rod performance analysis codes, like COPERNIC, FRAPCON[5] and FALCON[6], it is
assumed that the pressure in the rod is identical in different volumes, and the ideal gas law is
employed. The equation for rod internal pressure in FRAPCON[5] is:

p=

nR
VP N Vg Vch Vcr Vdsh V por Vrf Vi 
+ ∑ +
+
+
+
+
+ 
TP j =1  Tg Tch Tcr Tdsh T por Trf Ti 

(2)

Where p is rod internal pressure; n is total moles of gas; R is universal gas constant; N is
number of axial slices; j is axial node number; V and T are the volume and temperature;
subscript p represents the plenum; subscript g, ch, cr, dsh, por, rf, i represent the discretized
nodal gap, central hole, crack, dish, open-porosity, roughness and interface of the rod slice
respectively.
The COPERNIC calculated internal pressure of rod AN3 is depicted in Fig. 1. Compared with
the test data, the identical pressure assumption is reasonable when the gap remains open,
but can not predict the pressure uneven distribution when the gap is closed.

3.3 Gap Closed
As discussed in Section 2, when the pellets/cladding gap is closed, the gas axial flow is
blocked. At a macroscopic view, the block effect can be regarded as a much smaller diffusion
coefficient D. The gas amount and pressure of a fuel rod can be obtained by solving Eq. (1)
with proper D value. In order to solve Eq. (4), some simplifications are made.
The amount and location of different free volumes will be changed by dozens of complex
phenomena. Taking the simplest case into consideration, as shown in Fig. 3a, the fuel stack is
treated as a coaxial cylinder within the cylindrical cladding, thus the gas will diffuse in the
annular gap between these two columns. The plenum volume can be easily calculated by
subtracting the spring volume from the plenum cylinder volume, and the annular gap volume
is assumed to be the sum of all the volume except the plenum in the rod.

Fig. 3 Fuel rod simplification and spatial discretization
The gas moves fast in connected volumes, so the gas concentration will be identical in the

plenum, and the radial and circumferential gas diffusion through the annular gap can be
ignored. Set the plenum concentration and pressure to cplenum and pplenum respectively. The
simplified one-dimensional governing equation of gas movement in the annular gap is:

∂c ∂ 
∂c 
=  D ( x, t ) ⋅  + β ( x, t ) , 0 ≤ x ≤ l
∂t ∂x 
∂x 

(3)

where c(x,t) is gas concentration in the annular gap, µmol/mm3; D(x,t) is diffusion coefficient,
mm2/h; β( x,t) is gas amount released in unit gap volume within unit time, µmol/mm3/h; x is
location variable, and l is the length of the fuel stack, mm.
The boundary condition of Eq. (1) are

∂c(t ,0 )
=0
∂x
∂c(t , l )
− D(t , l ) ⋅
= Jl
∂x

− D(t ,0 ) ⋅

(4)
(5)

where the Jl is the diffusion flux between the annular gap and the plenum, µmol/mm2/h. Its
direction is opposite to the direction of concentration gradient.
The initial gas concentration c( x,0 ) is taken as the boundary condition as well.
The diffusion coefficient is difficult to be determined. In the current activity, we assume that the
diffusion coefficient has the following form:

(

−C
D (t , x ) = A ⋅ exp − B × Pcont

)

(6)

Pcont = max (0,−σ ri − p )

(7)
where Pcont is contact pressure between pellets and cladding, Mpa; σri is radial stress of
cladding inner surface (it is negative when the pellets compress the cladding), MPa, p is fuel
rod internal pressure, Mpa; and A, B, C are positive parameters.
The parameter A, B and C will be obtained by fitting the test data (see 3.5). Eq. (1) indicates
that the diffusion coefficient, which represents the gas diffusion speed, is an exponential
decay function of contact pressure. When the contact pressure is 0, the diffusion coefficient
equals A.
For ideal gas, gas pressure p in Eq. (7) is calculated by

p(t , x ) =

nRT
= c(t , x )RT (t , x )
V

(8)

where R=8.314 J/K/mol is the ideal gas constant; and T is the local gas temperature, K.
A simple gas diffusion method in a fuel rod is developed in eq. (3). Since both D(t,x) and β(t,x)
are time and position varying, numerical method is used to obtain pressure distribution in the
fuel rod.

3.4 Numerical discretization
The fuel stack is divided into J axial slices with height h for each slice as shown in Fig. 3b. In
addition, the time is divided into time step τ. After discretization, Eq. (1) is expressed as

c nj+1 − c nj

τ

D nj+1 + D nj
=

2

×

c nj+1 − c nj
h

−

D nj + D nj−1
2

×

h

c nj − c nj−1
h

+ β jn

(9)

where c nj is the gas concentration in slice j at the nth time step.
The boundary condition Eq. (4) is discretized as:

−

D0n + D1n c0n − c1n
⋅
=0
2
h
c1n = c0n

(10)

In order to determine the other boundary condition Eq. (5), we assume that the uppermost
slice and the plenum is connected, and, as discussed in Section 3.2, the uppermost slice
pressure and the plenum pressure are further assumed to be identical. Using the ideal gas
law of Eq. (8) and the conservation of mater:

p Jn = p nplenum

(11)

n
c JnTJn = c nplenumT plenum

c nplenumV plenum + c JnVJ = constant

(12)

The purpose of gas flux Jl in Eq. (5) is used to calculate the gas concentration c Jn in each
time step, and the amount of Jl is to make the pressure of uppermost slice and upper plenum
equal. But, there may be no need to determine the amount of Jl, because the c Jn can be
directly calculated by Eq. (11).
Therefore, the calculation strategy in the nth time step is:
1. Calculate each slice concentration c nj by using Eq. (9). The diffusion coefficient can be
obtained by Eq. (6), (7) and (8). Temporarily use a zero boundary condition at location x=l.
The boundary conditions are:

c0n = c1n

(13)

c Jn+1 = c Jn

(14)

2. Recalculate the uppermost slice concentration by taking the plenum gas flow into account.
The recalculated uppermost slice concentration c′Jn can be obtained by solving the
following two equations:
n
c′JnTJn = c nplenumT plenum

(15)

−1
c nplenumV plenum + c′JnVJ = c nplenum
V plenum + c JnVJ

(16)

where c Jn is the uppermost slice concentration calculated by step 1, and c′Jn is the
recalculated final concentration of that slice.
This numerical method above can be easily integrated into a fuel rod analysis code if the code
shares the same discretization scheme with this method.

3.5 Parameter determination
Rod AN1, AN3, AN4 and AN10 are calculated by using the numerical method. The method
input data, like gas generation rate β, is derived from the COPERNIC calculation intermediate
results. Coefficient A, B and C in Eq. (6) are preliminarily adjusted to fit the experimental data.
The calculated plenum pressure evolution is depicted in Fig. 4 when A=3.5×105, B=2.9 and
C=0.16.
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Fig. 4 The predicted versus measured plenum pressure of rod AN1, AN3, AN4 and AN10
As seen in Fig. 4, the predicted plenum pressure of all rods calculated has similar variation
tendency to the measured pressure, thus it can be proved that the method introduced above
can more or less reflect the physical process by pick proper parameter value. The amount of
predicted pressure and its increment, however, are not so consistent with the measured data
when the power decreases. These discrepancies may be caused by the inconsistencies in the
amount of gas filled initially, the amount of gas generated and the annular gap temperature
between the practice condition and the data used in calculation. Some discrepancies between
measured and predicted pressure may also arise from the numerical calculation of
COPERNIC code and the numerical method above.

4

Discussion

The local contact pressure between pellets and cladding and local internal pressure of rod
AN1 is illustrated in Fig.5, the bump test power history of rod AN1 is depicted in Fig. 6. Based
on the assumption and equations in Section 3, the rod internal pressure variation of rod AN1
can be described as below:
Within the initial 48 hours, the contact pressure rises up rapidly to a new level when the power
jumps up to a new stage. As the power holds at a certain stage, the gas is gradually released
in the rod and mostly remains where it is released due to the block effect of intensive PCMI.
The uneven distribution of pressure begins to emerge as a result. The volume of annular gap
is very small when the gap is closed, so the local pressure increases quickly. As the annular
gap pressure increases, the contact pressure declines, thus the diffusion coefficient rises and
when the gas generated equals to the gas flows out, the local pressure distribution becomes
relatively stable. At 32.5 hours, the local pressure reaches the maximum value of 325 bar,
whereas the plenum pressure is much lower and is about 42.6 bar. The similar phenomenon
can be observed from 48 to 72 hours. As the rod power decreases at 48 hours and 72 hours,
the contact pressure becomes 0. The passage of gas flow is totally open as a result, and the
pressure of different volumes trends to be identical.
More conclusions can be drawn by analogizing the calculation results to general cases:
1. The intension of pressure uneven distribution depends on the extent of pellets and cladding
mechanical interaction. The more severe PCMI will result in more uneven distribution of
pressure. The rigorous uneven distribution of pressure only occurs under high PCMI condition,
and the pressure will trend to be identical when the power falls down to the nominal level.
2. The local pressure increases fast under a certain contact pressure due to the limited
volume of annular gap, and will go to and remain at a comparatively steady state under which
the gas released into the volume is generally equal to the gas flows out of the volume.
3. The volume of plenum is much larger than that of the annular gap, and gas atoms flowing
into the plenum will not increase the plenum pressure significantly. The pressure decreases
gradually from the bottom to the top of the fuel rod.

Fig. 5 The local contact pressure and local internal pressure of rod AN1
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Fig. 6 Bump test power history of rod AN1

5

Conclusion

The fuel rod internal pressure uneven distribution after the gas is closed can be certainly
observed in the FUMEX III experimental database. In this paper, a method based on
one-dimensional diffusion equation is introduced to calculate the process of gas diffusion
through the fuel rod annular gap. A numerical method is further applied, and calculation
results are obtained. The calculated plenum pressure illustrates a good consistency of

variation tendency with the measured data. The pressure distribution predicted by this method
shows that the intension of pressure uneven distribution highly depends on the extent of
PCMI, and the rod local pressure is much higher than the average pressure under relatively
intensive PCMI condition. Since the higher internal pressure may exist in the practice
condition, it is suggested that the pressure uneven distribution should be considered and
incorporated in the fuel rod performance analysis code.
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ABSTRACT
The SCANAIR code, developed by the Institut de Radioprotection et de Sûreté Nucléaire
(IRSN), is designed for modelling the behaviour of a single fuel rod in fast transient and
accident conditions during a reactivity initiated accident (RIA) in pressurized water reactor
(PWR). In SCANAIR, the available fuel material properties and the thermal-hydraulics
(TH) model are for PWR fuel and coolant conditions, respectively, but the code does not
have similar models for boiling water reactor (BWR) to be applied in BWR RIA, the rod
drop accident (RDA). Thus, the code lacks material properties of Zircaloy-2 (Zry-2) which
is the cladding material in BWR fuel rod. Up until now, the only Zry-2 models
implemented into the code are the laws for yield stress (YS) and ultimate tensile stress
(UTS) of irradiated cladding from a bibliographic study, and the laws have not been
validated with SCANAIR. New YS and UTS laws are now fitted based on PROMETRA
mechanical tests and implemented into SCANAIR.

1.

Introduction

The main issues to be considered in order to be able to model BWR RDA with SCANAIR are
firstly the Zry-2 cladding material properties and behaviour (elastic, plastic and viscoplastic
models), and secondly the BWR thermal hydraulics modelling in RIA conditions.
In this paper, the needs for the adaptation of the material properties and the TH model in
SCANAIR to be sufficient for BWR fuel and conditions are discussed. The ring tensile tests for
fresh and irradiated Zry-2 cladding made as part of the French PROMETRA [1] programme are
utilized in fitting new YS and UTS correlations in order to more accurately model the cladding
plastic behaviour. After implementing these laws into the V_7_2 version of the code,
comparative SCANAIR simulations are performed by applying the old and new correlations to
BWR fuel tests LS-1 and FK-1 performed in the NSRR facility in Japan at room temperature and
atmospheric pressure conditions. The effect of the new models on cladding strain energy density
(SED) and failure propensity is investigated. In this context, the adequacies of the code’s
cladding failure models regarding Zry-2 are also evaluated.

2.

Zircaloy-2 material properties

As the cladding strain rates in an RIA can be around 1 s -1, the cladding mechanical properties
tests have to be specifically designed for reaching high strain rates. The French PROMETRA
(TRAnsient MEchanical PROperties) programme is internationally the most extensive series of
mechanical tests on cladding materials of PWR fuel rod under RIA loading conditions but there
have not been tests on Zry-2 cladding until the recent tests utilized here. Other mechanical tests

on Zry-2 reported in open literature are GNF mechanical test on Zry-2 under RIA conditions at
room temperature [2], NFD and Studsvik tests on irradiated and un-irradiated Zry-2 [3].
The integral effect test data on BWR fuel mainly comes from the NSRR facility. The test series
made in NSRR on irradiated fuel consist of TS series (5 tests), FK series (11) and two LS tests,
all in stagnant water. The LS-2 test was conducted in the newish high temperature, high
pressure (HTHP) capsule of NSRR, and all the other tests were performed at room temperature
and atmospheric pressure (RTAP). Tests on BWR fuel have also been made in SPERT facility
(in USA, 10 tests during 1969-1970 on low burn-up fuel, RTAP). The rodlets tested in SPERT
were of different design than the current BWR fuel rods.
Zry-2 cladding elastic behaviour, enthalpy, conductivity and thermal expansion are reported to
be similar to those of Zircaloy-4 (Zry-4) [4]. Also the transition between alpha and beta phase is
similar to Zry-4. There is no viscoplastic model available in open literature specifically for Zry-2 in
RIA conditions but it is expected that the high temperature viscoplastic behaviour of Zry-2 is
similar to Zry-4 as the differences in the heat treatment during the manufacturing process no
longer play any role at high temperatures.
In contrast to the stress relieved annealing (SRA) typical for Zry-4 cladding, the heat treatment of
Zry-2 is typically recrystallization annealing (RXA). This difference affects the ductility of the
cladding: in RXA cladding, there are more radially oriented grains, and as the hydrides
preferably precipitate along the grain boundaries, the RXA cladding has more radial hydrides [5].
It is especially the radial hydrides that make the cladding vulnerable to a pellet-cladding
mechanical interaction (PCMI) induced rupture when there is a strong tensile stress in the
circumferential direction.

3.

Coolant modelling in BWR RDA

The thermal-hydraulics model in SCANAIR is one dimensional, single-phase model with mass
and energy balance equations, and therefore the bulk boiling in BWRs cannot be taken into
account. The clad-to-coolant heat exchange modelling is based on a boiling curve approach with
correlations describing different boiling regimes. The model has been developed using the data
from the separate effect programme PATRICIA studying the PWR conditions (280 °C inlet,
15.5 MPa, 5 m/s). In addition, the TH model has been accommodated to model stagnant water
in RTAP conditions using the test results from the NSRR facility. Then again, the coefficients of
the TH model have not been fitted for any other (intermediate) combination of temperature and
pressure than RTAP and PWR conditions. The pressure and the temperature in BWR hot zero
power (HZP) conditions (240 °C, 7 MPa) are close to the NSRR HTHP capsule (280 °C, 7 MPa)
with the difference in the coolant velocity (2 m/s in BWR HZP [5]). The coefficients of the TH
model may be tuned for these conditions using the test results from NSRR HTHP capsule but
more instrumented tests are needed in order to do so.
On the other hand, the cold zero power (CZP; ~20-30 °C, 0.1 MPa) is considered to be the worst
initial state of an RIA in BWR’s because of the highest reactivity addition and the high content of
undissolved radial hydrides in the cladding [5]. The coolant conditions in RTAP capsule of NSRR
resemble the coolant state at BWR CZP conditions. Still, there is some difference in the coolant
flow velocity as there is flow in BWR CZP conditions (0.7 m/s [5]) whereas in NSRR capsule the
coolant is stagnant. However, if the flow rate is less than 1 m/s it should not have an effect to the
maximum cladding surface temperature (though it has a significant effect on the film boiling
duration). Then again, the initial cladding temperature in CZP conditions in BWR RDA is
reported to be closer to 80 °C than to room temperature [6]. This may require some fine
adjustment to be done for the TH model parameters, but more importantly the elevated

temperature affects the ductility of the cladding: the brittle to ductile transition is possible already
at temperatures close to 80 °C [6].

4.

New yield stress and UTS correlations

The PROMETRA data on Zry-2 originates from 12 tensile tests on ring specimens of irradiated
cladding, and from 9 tests on fresh cladding specimens. The irradiated cladding material (LK3
with inner liner) has been base-irradiated 7 cycles up to the discharge burn-up of ~58 MWd/kgU
during the years 1998-2005.
The corresponding PROMETRA test matrix is presented in Tab 1. The strain rate in the tests
has been 1.0 s -1 but one test with both fresh and irradiated specimen has been done with a
strain rate of 0.001 s-1. Not a significant strain rate effect can be seen with the irradiated
specimens.
With the fresh fuel
Tab 1: PROMETRA test matrix for Zry-2 cladding ring tensile tests.
samples, it should be
Induction heating
Furnace heating
noted that when
T [°C]
25 50 150
280 480
600 800
including
the
measurement point
of deviant (0.001 s -1)
Fresh fuel
1
0.001
1
1
1
strain rate, the best1
1
1
strain rate
fit curve may be
1
[ s -1 ]
significantly different
compared to if this
Irradiated
1
1
1
1
1
1
point
would
be
fuel
excluded. Thus more
1
1 0.001
1
1
1
measurements at the
temperature range
200-300 °C are needed in order to verify the corresponding values of YS and UTS. Here the
point is excluded from the fits. With the irradiated samples, the transition from furnace heating to
induction heating may induce too low values with two measurements prior to the transition. The
same samples also showed macroscopic deformation. These measurements are excluded from
the fits.
As there are no measurement points above 800 °C for Zry-2, points from Zry-4 mechanical tests
are added to the high temperature region when fitting the correlations. In SCANAIR, the values
of YS and UTS are limited to stay at or above 50.0 MPa in order to ease the convergence so in
practice this inclusion has no effect as regards the simulation results.

4.1 Fitting the new correlations
Different forms of correlations are tested in order to find the best fit with the measured points.
First, the same formulation is tried as with the irradiated Zry-4, M5 and Zirlo claddings [1],
presented in Eq. (1). This is also the correlation for Zry-2 YS and UTS already in SCANAIR:
MPa

a b T C .
1 ec T C d

(1)

The other correlations that were tested are a second-order polynomial for the fresh fuel points,
and a linear fit for the irradiated case. The most suitable correlations (in terms of the higher
coefficient of determination, R²) are: Eq. (1) for the irradiated Zry-2 YS and UTS, and the
polynomial fit for the fresh Zry-2 YS and UTS. However, to be consistent, Eq. (1) is used also
with fresh Zry-2 as the differences in R² values between the polynomial fit and Eq. (1) are not

significant (polynomial: R²=0.9642 (UTS), =0.9740 (YS); Eq. (1): R²=0.9486 (UTS), =0.9681
(YS)). With irradiated samples, linear fit is found to be almost as good as the formulation in
Eq. (1). The fitted curves and the trial fits as well as the previous correlations are presented in
Fig 1.
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Fig 1: YS0.2 (left hand side) and UTS (right hand side) of fresh and irradiated Zry-2.

4.2 Testing the changes by simulating NSRR tests LS-1 and FK-1 with SCANAIR
The NSRR test LS-1 [8] (reactivity insertion 4.6 $; pulse full width at half maximum 4.4 ms;
targeted fuel enthalpy 126 cal/g; enthalpy at failure 53 cal/g; time of failure 240.6 ms) and FK-1
[9] (4.6 $; 4.4 ms; 130 cal/g; survived) have been conducted on irradiated BWR fuel (69 and
45 MWd/kgU, respectively). With the LS-1 test, according to the base-irradiation calculation with
VTT-ENIGMA (amended version of v5.9b), the gap is closed prior to the transient, while with
FK-1 there is a gap of 76 m (according to FRAPCON v3.4). The gap size has a very large
impact on the calculated SED as can be seen in Fig 2 (left hand side, small figure). If the gap is
closed, the calculated cladding mechanical SED increases by about 3 MJ/m³ when using the
new correlations. If the gap is open (FK-1), the maximum mechanical SED remains unchanged.
With both cases, there is not a significant impact on cladding outer temperatures whether one
uses the old or the new correlations.
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Fig 2: Cladding mechanical SED in FK-1 and LS-1 tests with the old and the new YS and UTS
correlations in SCANAIR.

5.

Cladding failure criteria for Zry-2 cladding

There are three different approaches in SCANAIR for predicting cladding failure: fracture
mechanical model CLARIS for the PCMI type failure, strain limit based model for post burn-out
ballooning failure, and a model based on calculating the strain energy density (SED) which is
then compared to the critical SED (CSED) given as an input to the code. The ballooning type of
failure is more relevant with fresh fuel but the problem is that there are no up-to-date tests on
fresh BWR fuel in open literature for the development and validation of a ballooning type RIA
failure criterion in SCANAIR.

5.1 Fracture mechanical model CLARIS
As the CLARIS model is developed for the failure predictions of PWR fuel, several additions and
changes would be needed in order to apply it to BWR fuel. The J-integral database needs to be
re-calculated with the CAST3M code using BWR fuel geometry (the J-integral values in CLARIS
database are evaluated using three different values for the cladding thickness: 470, 520 and
570 m, but the BWR cladding is thicker than this). The material properties of Zry-2 need to be
implemented into CLARIS. The general approach in CLARIS is based on the assumption that
the cladding outer brittle (hydrided) zone depth can be evaluated, but the hydride morphology is
different in Zry-2 cladding than in Zry-4 (less hydrides in total, but more radial hydrides which are
more detrimental). Also the fracture toughness values used in CLARIS differ between Zry-2
and -4 claddings. Because all of these factors would cause inaccuracy to the results, it is better
for the moment to apply the CSED criterion for the PCMI failure predictions of BWR fuel instead
of CLARIS.

5.2 Strain Energy Density
The new CSED criterion for Zry-2 by EPRI is presented in Eq. (2) [6, 7]. It is based on two openend burst test series at room temperature [2], and thus the correlation is valid only for the PCMI
phase.
(2)
CSED[MJ/m 3 ] 35.89 e 0.0114H[pp m] 2.09 .
In Eq. (2), H designates the total hydrogen content absorbed into the cladding. When the
hydrogen content is not known, it can be estimated from the cladding outer oxide layer thickness
with a correlation. For the FK-1 and LS-1 tests, the calculated CSEDs according to Eq. (2) are
17.9 (max. hydrogen content 72 ppm [10]) and 3.3 MJ/m³ (hydrogen content 300 ppm [8]),
respectively, which means that FK-1 is correctly predicted to survive the transient, and LS-1 to
fail (cf. Fig 3). Eq. (2) is applicable to be used with these tests as the cladding temperatures
remain near the room temperature during the early phase of the PCMI. With LS-1, the calculated
enthalpy at failure is 50 cal/g and the time of failure is 240.1 ms; thus those are in good
agreement with the measurements.
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Fig 3: CSED according to Eq. (2), and the maximum values of SED for FK-1 and LS-1
according to the SCANAIR calculation.

6.

Summary and Conclusions

New yield stress and UTS correlations are fitted based on the PROMETRA mechanical tests,
and implemented into SCANAIR. The failure predictions with SED are found to be very sensitive
to the gap size calculated by the irradiation code. Compared to the source of uncertainty
resulting from that, the new YS and UTS correlations have only a minor significance to the
failure predictions.
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ALCYONE is a multi dimensional code developed by CEA devoted to the description of PWR fuel
behaviour under irradiation in base and transient conditions for MOX and UO2 fuel up to respectively
60 GWd/tm and 80 GWd/tm. The validation data base includes about two hundred objects.
ALCYONE presents a high level of modelling sophistication as well for mechanical behaviour as for
fission gas or thermal behaviour. The mechanical aspect has already been presented in the
international context [1].
As several levels of modelling are available in ALCYONE to describe physical phenomena, we are
going to present the main basic options chosen for them and their validation.
Whatever the dimension of the mechanical scheme, the physical phenomena modelling is the same.
That is why the validation (comparison between experimental measurement and calculation result) is
done in the 1D scheme for evident reason of computation time but also because some experimental
elements reflect the behaviour of the whole rod (e.g. elongation and fission gas release).
The validation consists in two types of work:
- First, the comparison of the calculated results with the experimental results is presented in the case
of analytical experiment foreseen to study more particularly fuel thermal behaviour.
The thermal modelling is validated upon in pile temperatures measurement (thermocouple located at
the pellet centre).
- Secondly, we are interested in the code response on experimental results collected in a context
nearer to the industrial use in French PWR, that is to say direct measurements after irradiation or after
experiments connected to operational or class 2 transients.
The analysis shows that the modelling choices allow a good description of the overall behaviour and
the possibility given by the structure to receive and test modelling of higher level.

1. Introduction
In the general framework of nuclear fuel behaviour simulation, CEA has developed a “multi
design” new generation simulation framework called PLEIADES. In this general framework,
ALCYONE is the PWR fuel design simulation application.
In this paper, we present first the validation domain of this fuel simulation code, then its
general computation algorithm.
The next part consists in a presentation of the validation methodology which is done in
several steps. A part of the methodology stands in the determination of the acceptable
discrepancy between measurement and calculation. This determination will be presented in
the case of fission gas release in base irradiation.
The validation results presentation will be focused on 3 types of physical outputs:
- Fuel temperature in case of MOX fuel
- Fission gas release in base irradiation
- Cladding strain in power ramp test

2. Validation domain
For ALCYONE version 1.2.3, the validation data base covers, for rod cladding M5 or Zy4,
base irradiation conditions in 900 MWe and 1300 MWe power plants, and power ramp test
conditions for:
- Standard UO2 fuel up to 4.5% U235 enrichment, up to 80 GWd/tm
- MOX MIMAS fuel up to 8% Pu content, up to 65 GWd/tm
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Fig. 1 presents the power level reached at different burn up for the two types of irradiation
conditions.
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Fig. 1 : Validation domain in terms of power reached

3. Calculation scheme
The 2D and 3D schemes of the ALCYONE application have already been presented in [1]
and this paper is more specifically dedicated to the 1D scheme.
This 1D scheme is dedicated to the simulation of complete fuel rod and allows the calculation
of integral values such as rod free volume, rod inner pressure, fission gas release, clad
profilometry and elongation of both fuel stack and cladding, but also radius dependant results
such as fission gas retention and local swelling.
In this scheme, the complete fuel rod is discretized in axial segments, and in each axial
segment the pellet and the cladding are radially meshed (Fig. 2).

Fig. 2 : ALCYONE 1D scheme modeling the complete fuel rod

The main phenomena modelled in the simulation are:
- creep (irradiation induced and thermal) and plasticity of the cladding,
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creep and cracking of the fuel pellet,
evolution of the thermal-mechanical properties of the materials (fuel and cladding)
with temperature, and burn-up,
- coupled thermal-mechanical analysis of the fuel-gap-cladding system,
- fission gas behaviour (diffusion, bubbles formation, gaseous and release in the free
volume),
- pellet densification and fission gas induced swelling,
- relocation of pellet fragments after gap closure which derives from an empirical
relation based on 3D simulations.
Most of the physical models have been taken from the METEOR V2 code [8]. The Finite
Element code CAST3M is used to solve the thermal-mechanical pellet-gap-cladding problem.
-

ALCYONE fuel application is connected to the relational database “CRACO” which for twenty
years, has been collecting the fuel rod characterisation before irradiation (rod geometry plus
fuel and cladding characteristics), irradiation conditions, measurements performed during
and after irradiation and observations for the whole programs that are followed by CEA. In
order to reduce the operator mistakes and improve the reliability of the simulation, the data
set of the ALCYONE application is automatically built from the data base.
Multi-physic computational Algorithm
n axial slices

time t

Radial power distribution
Densification
Solid Swelling
Fuel relocation (1D only)

time
Thermal-hydraulic
Convergence test
Thermal behavior

Mechanical behavior

Fission products behavior
Rim building
Swelling

Axial variation
Fuel column and Rod length
Fission gas release
Internal pressure

time t+t

Fig. 3 : General algorithm of the ALCYONE code

The calculation scheme, which is common between 1D and 3D inside the axial loop, is
presented on Fig. 3 and can be described by the following steps:
1. at the beginning of each time step of the simulation, for each axial slice, the code
calculates the variables and loadings which are independent of both temperature and
mechanical stress: neutron physics (radial power distribution), fuel densification and
solid swelling, fuel fragments relocation.
2. Then the code enters the thermal-mechanical convergence loop. The different loadings
and variables which depend on either temperature or stress are calculated: cladding
outer temperature (thermal-hydraulic model), thermal-mechanical strains, fission gas
behaviour (gaseous swelling, HBS formation and behaviour).
3. When the temperature has converged, the code starts from step 1 for the next axial
slice.
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4. After convergence of the thermal-mechanical problem for all axial slices, the integral
variables are calculated at the end of the time step: global strain of the fuel stack and of
the cladding, fission gas release, internal pressure of the fuel rod, free volume, …
5. Then the code goes to the next time step and starts from step 1.

4. Validation Methodology
Trying to validate globally the whole code (all the models at the same time) is obviously
impossible, because the behaviour of most of the models depend on the results of the others
as input data.
So the validation process used for our code is an iterative process which tries to isolate the
different physical phenomena in order to reduce as much as possible the compensation
between the different weights of the modelling. For that it is necessary to split the validation
domain in sub-domains (SD1 to SD3) in which a particular phenomenon will be dominant
(Fig. 4):
- sub-domain 1: low burn-up irradiations, to validate the modelling of the phenomena
relevant in the beginning of life (fuel densification, cladding creep and fuel fragments
relocation),
- sub-domain 2: medium burn-up irradiations to validate the models involved in pelletcladding interaction and fission gas release due to intergranular bubbles percolation,
- sub-domain 3: high burn-up irradiations to validate models specific to HBS formation
and behaviour, cladding corrosion, …
And of course, if possible, a validation of the thermal-mechanical scheme is done in every
sub-domain, if experimental data are available for temperature and strains.
At each step of the process, a simulation of the different fuel rods relevant for the
corresponding sub-domain is performed and compared to the experimental post-irradiation
examinations (PIE) available: cladding and fuel stack elongation, fission gas release (FGR),
internal pressure in the rod, fuel density, radial distribution of the gas retained in the fuel, …
If the discrepancy is too high, corrective actions are proposed (model parameters adjustment
for example), and only when it goes down to a certain acceptable threshold, the model
parameters are considered as calibrated and the next sub-domain can be explored.
In addition, at the end of the calibration/validation in each sub-domain, it is also necessary to
check that the results are not degraded on the previous sub-domains.
Two ways are then considered:
- The analytical experiments which are focused on a particular phenomenon, for
instance in pile measurement of temperature, elongation or fission gas release.
- The capitalization of the surveillance program which allows more particularly the
isolation of the impact of burn-up on the overall behaviour.
Validation is performed using all PIE and measurements available. In this paper, focuses are
made on the validation of the thermal behaviour modelling (chapter 6), the validation of
fission gas release modelling (chapter 7) and the validation of fuel and cladding behaviour in
power ramps (chapter 8).
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Fig. 4 : Iterative validation process

5. Acceptable discrepancy between measurement and calculation
The acceptable discrepancy between calculation and experimental measurement is
correlated on one hand to the accuracy of the measurement and on the other hand to the
accuracy of the input data. It assumes that the physical basis data as conductivity, diffusion
coefficients, mechanical properties and behaviour laws are perfectly well known.
For the input data, it is easy to demonstrate that the most important source of uncertainty
comes from the power which is generally never known better than +/- 5% at two standard
deviations [2].
More particularly, for fission gas behaviour in case of base irradiation, we can consider that
the acceptable discrepancy comes from the following uncertainties:
- Power modelled by a Gaussian distribution centred on the nominal value with a
standard deviation of 2.1%
- Grain size modelled by a Gaussian distribution centred on 10 µm with a standard
deviation of 1 µm
- Cladding internal radius modelled by a uniform distribution +/-10 µm from the nominal
value.
The propagation of these uncertainties through ALCYONE 1D application on a typical power
history for nominal irradiation in a PWR up to 5 cycles (60 GWd/tM) leads to the following
results for the physical data relative to the fraction of fission gas released (Tab. 1 and Fig. 5).
Fission gas
release, %

Intergranular
part , %

Internal
pressure, Mpa

Average
3.29
9.68
4.58
Standard deviation
0.93
0.92
0.25
Relative standard
28%
9.5%
5.4%
deviation
Accuracy
of
0.2
n. a.
0.4
measurement
Tab. 1 : Results of uncertainty propagation for fission gas release
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Fig. 5 : Distribution of FGR after uncertainty propagation

As we can see on Fig. 5, the distribution of the results follows a quasi-normal distribution.
So, for this case, the calculation prediction is included between the average of calculations
+/- 2 standard deviations (95% confidence interval). Then, if we generalise this result
whatever the gas release fraction (we assume the relative standard deviation is independent
of the FGR value), we can consider that the calculated result is acceptable if the interval
calculation average value+/- 56% crosses the interval measurement +/- 6%, which is the
uncertainty measurement.

6. Thermal modelling validation
Thermal modelling validation is done against in pile experiments. The calculated temperature
is compared to experimental measurements. The advantage of this method is the direct
comparison of the measure/calculation all along the irradiation and the validation of the
thermal chain. The disadvantage is that it integrates the uncertainties on power estimation
and also the limitation of the temperature range due to the thermocouple technology but also
the impact of the other models, and more particularly the gap closure or reopening kinetics
and the fission gas release which could induce some compensation in the modelling.
Another way to validate the calculated thermal behaviour is to use experiments dedicated to
the determination of power to melting, the melted radius being measured and compared to
the calculated one, nevertheless the melted radius measurement is not always obvious. This
second method has been used in the case of ALCYONE, but is not presented in this paper.
The main models directly correlated to the thermal calculation are the following:
- The radial power distribution profile is calculated by a “RADAR”-type model for which
parameters and cross sections are adapted for French PWR configuration [3].
- The heat transfer between fuel and cladding is calculated by an URGAP type model
[4].
- The fuel conductivity modelling takes into account the fresh fuel conductivity
measurement [5], [6] and the effect of irradiation by the consideration of irradiation
damages and the effect of dissolved and non dissolved fission products [7].
Replacing this validation step in the global validation framework of Fig. 4 may need iterative
adjustments of the parameters of these models in order to minimize the measure/calculation
discrepancy.
But when using the default values of the parameters taken from the literature, and in all the
cases of experiments dedicated to fuel thermal behaviour characterization (temperature
measured at the centre of the pellets using a thermocouple), the difference between
calculation and measurements is acceptable, i.e. below about 100°C. An illustration of this is
presented on Fig. 6 in the case of a MOX fuel irradiations performed in HRP at Halden. One
of theses experiments has been irradiated totally in HRP from 0 to 50 GWj/tm, the others
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were performed on pre irradiated and refabricated rods. The burn up reached in power
reactor before the experiments themselves are 25 GWd/tm, 30 GWd/tm, 58 GWd/tm and 64
GWj/tm.
The majority of the points stand between + and – 100°C in the range 0-1400°C, which is
acceptable regarding the accuracy of the linear heat rate considered in the simulations.
This kind of observation has been done for all the other thermal behaviour experiments, and
it gives about the same results.
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Fig. 6: Difference between measured and calculated temperature for IFA642

7. Fission gas release validation
Fission gas release modelling is based on the METEOR modelling [8] and it takes into
account:
- intragranular diffusion and trapping,
- interconnexion of intergranular bubbles,
- gas release by percolation of intergranular gas towards the plenum,
- High Burn-up Structure formation and behaviour modelling.
For MOX fuel, we consider the heterogeneity of plutonium repartition in the pellet and this
heterogeneity is modelled by a schematic repartition in two or three phases characterized by
their volume fraction and their initial Pu enrichment [9]. A calculation is done for each phase,
considering the fraction of fission and burn up which are particular to the phases, and a
global homogenization is done to calculate the behaviour of the whole microstructure.
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Fig. 7: Comparison of calculated and measured FGR

Including the uncertainty defined at chapter 5 (+/- 56%), the simulated values of FGR are in a
good agreement with the experimental values (Fig. 7).

8. Cladding diametric changes during ramp test
A ramp test is performed on a refabricated rod which has been previously irradiated in
commercial power plant. A ramp of about 100W/cm/mn is triggered after a conditioning
power step which reproduces the power level seen during the end of life of the rod
irradiation. The high power level is maintained during a time comprised between 0 or 12
hours. These ramps have been previously presented in [10], [11].
During ramp test, the cladding solicitation is the result of fuel volume variation due to thermal
expansion, fuel creep and fission gas bubbles precipitation and swelling.
The fission gas behaviour model used in transient situations has been presented in [1]. The
main phenomena modelled in transients are:
- intragranular and intergranular bubbles swelling,
- migration of intragranular bubbles under thermal gradient in the fuel.
One way to validate this type of modelling is to verify that the diameter variation after ramp is
correctly estimated.
Fig. 8 presents this diameter. We have not yet done the input data uncertainty propagation
work in this case, so only the measurement uncertainty is plotted on the figure. The
measurement uncertainty is correlated to the discrepancy between the different azimuthal
diameters and the measurement uncertainty itself.
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Fig. 8: Comparison of calculation and measurement for diameter increase in power ramp tests

The agreement between calculation and experiment is rather good except for the higher
observed strain for high burn up level (65 GWd/tm).

9. Conclusion
This short presentation gives a quick look on the ability of the current release of the
ALCYONE 1D code to reproduce the main physical phenomena involved in the fuel
behaviour. It is important to notice that the current release of ALCYONE 1D code is about the
equivalent of the METEOR V2 code in terms of physical models, but using a proper Finite
Elements code (CAST3M) to solve the thermal-mechanical problem.
Because of the good results obtained in the global validation process, this application seems
to be a good framework to develop and integrate more mechanistic physical and chemical
models in the thermal-mechanical convergence loop. These models are being developed in
order to improve our understanding of the physical behaviour of the fuel, but also to set into a
model the most recent advances in nuclear fuel behaviour understanding. The fission gas
model MARGARET [12] can be cited as an example of such advanced models to be
integrated in the ALCYONE 1D code scheme.
In the same way, the use of the same models in the 3D scheme of the ALCYONE application
gives good results [1].
From the strict validation point of view, we foresee to develop the determination of the
acceptable discrepancy between measurement and calculation by using uncertainty
propagation and analysis uncertainties techniques, which have already successfully been
used in the interpretation of fuel irradiation experiments [2].
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ABSTRACT
We summarise our analysis of the priority cases of the IAEA co-ordinated research project
FUMEX-III for the ongoing validation of the TRANSURANUS fuel performance code. We
focus on a) fuel centre temperatures in re-fabricated high-burnup fuel rods, b) local
concentrations of Xe and c) cladding failure. We provide a systematic comparison in the
context of the existing validation base of the TRANSURANUS code, and demonstrate the
added value of applying data from independent experiments.
From the application of the TRANSURANUS code to one case of loss-of-coolant accident
(LOCA) and one case of reactivity initiated accident (RIA), preliminary conclusions are drawn
defining needs for further development of sub-models, as well as needs for complementary
local 2D and 3D simulations.

1.

Introduction

Since the 1980's, the IAEA has organized four co-ordinated research projects on fuel
performance simulations. The most recent benchmark exercise FUMEX-III was completed in
December 2011 and involved more than 30 participants [1]. Such exercises are a unique
basis for code-to-code comparisons, as well as for identifying common priorities and needs
for further development. In this paper we report on the analysis of a) fuel centre temperatures
in re-fabricated high-burnup MOX fuel rods, b) local concentrations of Xe and c) cladding
failure by means of the fuel performance code TRANSURANUS, and we provide a
systematic comparison in the context of the existing validation base.

2.

Fuel centre temperatures

The detailed comparison of measured and simulated fuel centre temperatures is an
important part in the validation of any fuel performance code. In case of the TRANSURANUS
code, comprehensive datasets had been analysed from instrumented irradiations performed
at the OECD Halden reactor [2] and from the IFPE database [3]. This earlier phase already
included (U,Pu)O2 mixed-oxide (MOX).
In the FUMEX-III project, two re-fabricated MOX rods [4] equipped with fuel thermocouples
were addressed as priority cases. A thorough analysis is described in the contribution of
ENEA in [1]. Figure 1 and Table 1 illustrate the satisfactory extension of the code validation,
i.e. a general good agreement as well as a scatter comparable to irradiation experiments
analysed earlier as expressed by the root mean square of differences between calculation
(C) and experiment (E). Nevertheless, the two rods of FUMEX-III (Figure 1a) show a nonnegligible - though acceptable - mean over-prediction of measured fuel centre temperatures.
A more detailed analysis of the C/E ratios and their burn-up dependence was made (Figure
1b), confirming a very good agreement below 25 MWd/kgHM, while indicating a moderate
trend towards over-predicting the MOX fuel temperatures with increasing rod-average burnup. In addition, we see separate trends over-predicting the measured fuel temperatures at
the final phase of each irradiation experiment.
Instrumented re-irradiations as the MOX priority cases of FUMEX-III can give useful
information on the evolution of the fuel thermal conductivity, as the fuel-to-cladding gap is
definitely closed during full-power irradiation phases. While there is a general consensus that
the thermal conductivity of fresh LWR MOX fuel is lower than that of fresh UO2 [5,6], its
degradation with fuel burn-up is still an open question. This issue has been addressed by
comprehensive out-of-pile measurements [7,8] as well as by more recent analyses of in-pile
experiments [9,10], all indicating that a) the burn-up degradation of MOX fuel is weaker than
for UO2 fuel and b) at intermediate and high burn-up there should be only negligible
differences between the thermal conductivity of UO2 and MOX fuel. Our present observations
from previously analysed MOX experiments as well as from FUMEX-III support the above
considerations on the thermal conductivity degradation.
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Figure 1: a) Validation of fuel centre temperatures for the two re-fabricated MOX rods in
FUMEX-III and b) ratio of measured and calculated values incl. previously analysed
experiments at the OECD Halden reactor project

60

Irradiation experiments
HRP (2 rods, 1997-2000)
HRP (2 rods, 2000-2006)
FUMEX-III (2 re-fabricated rods)

Number of p. (steady-state)
6498
10666
2045

(∆T)mean
-6.6 K
+11.6 K
+39.6 K

rms
4.7 %
4.3 %
5.3 %

Table 1: Mean deviation and root mean square difference between simulated and measured
fuel centre temperatures for different irradiation experiments of MOX fuel
As a next step, the available out-of-pile experimental data (e.g. [8]) should be re-analysed
and a refined correlation for the thermal conductivity of MOX fuel should be implemented in
order to cover the complete range of burn-up and irradiation temperatures. Given the still
small amount of available data at intermediate and high burn-up, the analysis of a large set
of instrumented irradiations will be required, including the recent irradiation experiments
discussed in [9,10].

3.

Fission products

For calculating the evolution of the most relevant nuclides and their local concentrations
across the fuel radius, the burn-up model TUBRNP has proven very successful and was
recently extended to include the full nuclide chains for production of minor actinides as well
as for production of He [11]. The application of the latest version of this model thus leads to a
good agreement with the measurements of irradiated UO2 fuel obtained by electron probe
microanalysis (EPMA) available in FUMEX-III. The simulation of local concentrations of Pu
and Xe from OSIRIS rod H09 was discussed in [12,13]. In the present work we have further
summarized the analysis of measured and calculated Xe concentrations for UO2 fuel from
the Risø 3 bump tests (rod GE7 ~ 40 MWd/kgHM) and for SBR MOX fuel irradiated in
Beznau-1 PWR for 3 annual cycles (rod D10 ~ 35 MWd/kgHM). The following main
observations can be made (Figure 2):
- The general agreement between measured and calculated Xe concentrations, regarding
the average bias as well as the scatter of the C/E ratios is good, and there is no difference
between UO2 and MOX fuels
- A considerably higher scatter can be seen for data taken in the periphery of OSIRIS rod
H09 where a local depletion of Xe from the matrix is detected (cf. Figure 2b).
The depletion of Xe is attributed to the formation of the high burn-up structure (HBS) and is
modelled in the TRANSURANUS code with a dedicated algorithm [14]. While the simulations
of local Xe concentrations had shown a satisfactory agreement with various sets of
measurements [14], the scatter of data in the HBS is rather large. An extension of the current
model is under development, it will take into account the link between the formation of the
HBS and the fuel temperature during irradiation [15].
For a first quantitative analysis of C/E ratios of local Xe concentrations (Table 2), we have
hence excluded the data from the HBS zone. The corresponding root mean square
differences are consistent with the uncertainties of EPMA measurements reflected in the
scatter of the experimental data (e.g. seen in Figure 2b).

Irradiation experiments
OSIRIS (UO2, rod H09)
Risø 3 (UO2, rod GE7)
M501 (MOX, rod D10)

Number of points (excl. HBS)
300
74
45

(C/E)mean
0.995
1.014
0.986

rms
16.4 %
8.2 %
7.6 %

Table 2: Mean ratios and root mean square differences between simulated and measured Xe
concentrations
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2.0

2.0
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+20%
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Xe concentration (wt.%)

Calculated Xe concentration (wt.%)
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Figure 2: a) Comparison of measured and simulated Xe concentrations for different datasets
of the FUMEX-III project (heights are given for different axial sampling positions). b) radial
distribution of the local Xe concentration in the OSIRIS experiment

4.

Simulations of design-based accidents

4.1.

Loss-of coolant accidents (LOCA)

For the simulation of fuel rods under LOCA conditions, the TRANSURANUS code had been
extended with high-temperature material properties for both Zy-4 as well as E110 cladding
material [16]. An integrated LOCA test (fresh pressurized PWR fuel rod in a high-pressure
loop of the OECD Halden reactor) has been included as priority case of FUMEX-III, and a
comparison was made for using different criteria of cladding failure in the TRANSURANUS
code [13]. In this work a more detailed geometrical model (30 slices) was taken into account,
and the plenum temperature was prescribed as identical to the measured coolant outlet
temperature. Figure 3 shows the measured and calculated inner pin pressure, where the
moment of rupture is reflected by an instantaneous pressure decrease that can be directly
compared to experimental data.
We have applied (1) the standard cladding failure criterion based on a limiting effective strain
rate (100/h), combined with a temperature-dependent overstress limit [16,17]. As alternative
criterion (2) for Zy-4, a limiting engineering tangential strain of 40% that is derived from
experimental data [18] has been implemented. This deformation corresponds to a true
tangential strain of 33.7% (cf. rupture (2) in Figure 3).
Due to the rapid increase of the cladding deformation in the phase prior to rupture, the choice
of the failure criteria has only a minor impact on the rupture time, and its prediction can be
considered as satisfactory. Nevertheless, several open issues will have to be addressed:
- Large deformations as occurring in LOCA conditions prior to rupture are difficult to predict
accurately with a 1.5-D approximation, as used in most fuel performance codes by axial
coupling of radially symmetric slices and assuming plain axial deformation.
- The differences between simulated and measured rod pressures indicate some room for
improvement, presumably in terms of a more sophisticated model for plenum temperatures
- The introduction of a dynamic α-β phase transition does not improve the prediction of the
rupture time (cf. Figure 3a and b).
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Figure 3: Simulated inner pin pressure and max. tangential cladding strain in the LOCA test
of FUMEX-III, assuming (a) a static and (b) a dynamic α-β phase transition. The measured
pressure is shown, too. See text for details on the cladding rupture criteria (1) and (2).
4.2. Reactivity initiated accidents (RIA)
Two segments of a fuel rod pre-irradiated in a BWR and pulse-irradiated at the Japanese
NSRR were addressed as priority cases (FK-1 and FK-2) in FUMEX-III. Details on first
simulations with the TRANSURANUS code are described in [1]. The analysis confirmed the
capability of the code to predict the mechanical performance of fuel rods under RIA
conditions, before departure from nucleate boiling (DNB) and before the onset of the related
plastic deformation.
Any fuel simulation under RIA conditions requires an accurate prediction of pre-pulse
conditions. In view of lacking experimental data, a sensitivity test was performed on the
influence of the pre-pulse fuel-to-cladding gap width in segment FK-2 (Figure 4). It is
interesting to note that a better agreement of the post-pulse absolute elongation - for the fuel
as well as for the cladding - is achieved when increasing the pre-pulse radial gap from 10.9
µm (standard option = SW) to 31.4 µm (arising from a reduced swelling rate = RW). Given
the available database, further conclusions can however not be drawn, as the evolution of
the fuel-to-cladding gap is influenced by several phenomena (e.g. fuel swelling, relocation,
cladding creep-down) that can not be assessed separately. Furthermore, the analysis [1]
addressed the need for a) an improved accuracy in predicting cladding temperatures under
DNB conditions and b) the investigation of fuel swelling under transient conditions.
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Figure 4: Fuel and cladding axial elongation for the pulse-irradiated fuel rod FK-2
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5.

Summary and conclusions

Using simulations of the priority cases of the FUMEX-III project, the validation of the
TRANSURANUS fuel performance code for the prediction of fuel centre temperatures and
Xe concentrations has been extended, regarding both UO2 and MOX fuels. For all datasets,
the total scatter of the C/E ratios is in the range of the experimental uncertainties.
For MOX fuels, a comparison of fuel temperature predictions to those of previous irradiation
experiments underlines the need for revising the burn-up degradation of the thermal
conductivity. Regarding the predictions of fission products, the agreement to measurements
of local Xe concentrations (by EPMA) is comparable for UO2 and MOX. The scatter is
however much larger in the high-burnup (HBS) zones at the pellet periphery, and the
simulation of the formation of the HBS requires further attention.
Most ongoing developments of the TRANSURANUS code lie in the field of accident
simulations. The analysis of one LOCA and one RIA case underlines the following priorities:
- to revise the present model for the plenum temperature;
- to perform finite-element calculations for comparison of 1.5D and 3D approximations at
large deformations, including their influence on temperature simulations;
- to improve the modelling of the dynamic (rate-dependent) α-β phase transition, including its
dependence on the hydrogen and on the oxygen content in the cladding;
- to implement specific models under RIA transient conditions, in particular for thermal
expansion and for failure of the cladding.

6.

References

[1]
[2]
[3]

J. Killeen, IAEA-TECDOC (in preparation) IAEA, Vienna (2012).
A. Schubert, et al., Atw/International Journal for Nuclear Power, 48, 12, 756 (2003).
P. Van Uffelen, et al., "The verification of the TRANSURANUS fuel performance code - an
overview", Proc. of the 7th International Conference on WWER Fuel Performance, Modelling
and Experimental Support, Albena, Bulgaria (2007).
R. J. White, OECD Halden Reactor Project, HWR-586, Halden (1999).
C. Duriez, et al., Journal of Nuclear Materials, 277, 143 (2000).
J. J. Carbajo, et al., Journal of Nuclear Materials, 299, 181 (2001).
C. Cozzo, et al., Journal of Nuclear Materials, 400, 213 (2010).
D. Staicu, et al., Journal of Nuclear Materials, 412, 129 (2011).
J. Nakamura, et al., Journal of Nuclear Science and Technology, 46, 944 (2009).
M. Amaya, et al., Journal of Nuclear Materials, 414, 303 (2011).
P. Botazzoli, et al., Journal of Nuclear Materials, 419, 329 (2011).
S. Boneva, "The priority cases of the Fumex-III exercise simulated with the Transuranus
code", Proc. of the 9th International Conference on WWER Fuel Performance, Modelling and
Experimental Support, Helena Resort, Bulgaria (2011).
A. Schubert, et al., "Application of the extended TRANSURANUS code in the FUMEX-III
project", Proc. of the 9th International Conference on WWER Fuel Performance, Modelling
and Experimental Support, Helena Resort, Bulgaria (2011).
K. Lassmann, et al., Journal of Nuclear Materials, 226, 1 (1995).
L. Holt, et al., Journal of Nuclear Materials (in preparation), (2012).
P. Van Uffelen, et al., Journal of Nuclear Materials, 383, 137 (2008).
Cs. Győri, et al., "Extension of TRANSURANUS Code Applicability with Niobium Containing
Cladding Models (EXTRA)", Proc. of the EU Research in Reactor Safety, Conclusion
Symposium on Shared-Cost and Concerted Actions (FISA-2003), p. 584, Proceedings - EUR
21026, Luxembourg (2003).
F. J. Erbacher, Nuclear Engineering and Design, 103, 1, 55 (1987).

[4]
[5]
[6]
[7]
[8]
[9]
[10]
[11]
[12]

[13]

[14]
[15]
[16]
[17]

[18]

Quantifying Uncertainties and Best-Estimate, Realistic Methods for
LWR Fuel Mechanical Analysis during Steady-State and AOO
Transients
V.I. ARIMESCU
AREVA NP Inc., Richland, WA, 99354, USA
Email: ioan.arimescu@areva.com

ABSTRACT
This paper describes the theoretical basis of the LWR best-estimate methodology for
mechanical licensing analyses that was recently approved by the NRC for BWR applications
and will be soon submitted to cover PWR applications, too. The realistic methodology
employs statistical methods, namely, non-parametric order statistics that is used to estimate
a certain quantile of the distribution of the outputs of interest, which are then compared to
pre-set licensing acceptance criteria. This technique has the advantage of being faster than
other methods that require an estimate of the outputs’ distribution and can be applied for any
number of input variables without any additional computational effort.
The paper describes the outline of the methodology and the manner of dealing with the
uncertainties of the different input parameters.
Special attention is given to the
verification/validation of the methodology on a simplified numerical example, which shows
the level of conservatism of the statistical procedure.
The two main parts of the methodology, namely, the steady-state and the fast and slow AOO
(Anticipated Operational Occurrences) transients are linked through the distribution of the
hot pellet-to-cladding gap, which incorporates all uncertainties of the steady-state analysis
and transfers them as one global parameter to the AOO transient analyses.

1. INTRODUCTION
The standard fuel rod mechanical analysis for normal operating conditions was based on
conservative calculations with bias in the models and/or input values and power history to
obtain the overall bounding output value to be compared with a pre-defined criterion. While
these methodologies are over-conservative in some cases, they also relied on a certain
procedure of defining a limiting power history (or a small group of limiting histories) which is
difficult to prove as being all-covering, ab-initio. Therefore, more conservatism is introduced
by up-rating the ensuing power history envelope and the operational margin is further
reduced.
In contrast, it is the purpose of the best-estimate methodology presented in this paper to
offer an alternative analysis that provides a realistic estimation of the operational margin and
offers additional insight in the global characterization of a fuel reload.
The best-estimate methodology is based on statistical methods involving direct applications
of the Monte Carlo sampling technique, which has been proposed in recent years as an
alternative to the traditional conservative bounding calculations for fuel rod design and
licensing analyses (References 1-3).

2. GENERAL DESCRIPTION OF THE STATISTICALLY-BASED REALISTIC
METHODOLOGY
The goal of the methodology is to provide a methodology to analyse fuel rod performance
during normal operating and anticipated abnormal occurrence conditions for given fuel
reload and power plant. This goal will be achieved by using a best-estimate code and a
method of analysing the uncertainty propagation through the code of known statistical
variances of input variables, including: manufacturing parameters such as gap, pellet and
cladding diameters, pellet density, etc.; modelling parameters such as pellet thermal

conductivity, fission gas diffusion coefficient, etc.; environmental parameters of which the
power history is the most important.
The performance judgment is based on pre-defined thresholds for the critical output
parameters (such as gas pressure, cladding plastic hoop strain, centreline melting, etc.) that
are evaluated by the code. The location of different fuel rods in the core is determining the
power history that fuel rods will experience. Thus, when talking about a certain fuel rod it is
implied that a certain power history is associated with it.
The evaluation criteria will be adequately expressed in probabilistic terms. This means that
the final statement must assure that there is an extremely high probability that the fuel rods
subjected to the given power histories will not exceed the pre-established threshold with a
high confidence level. From these requirements a final global statement was formulated as
follows:
“The expected number of fuel rods not exceeding the threshold must be greater than a preestablished value, typically 99.9%, with 95 % confidence level.”
The LWR licensing analysis also requires the assessment of fuel rod behaviour during
Anticipated Abnormal Occurrences (AOO). In this case only the most limiting fuel rod in the
core is analysed and compliance with the 1% strain and centreline melting criteria is
required. Because the most limiting fuel rod is analysed in this case the corresponding
probabilistic statement is as follows:
“The most limiting fuel rod does not exceed the threshold with a large probability, typically
95%, with 95 % confidence level.”
Thus the realistic methodology requires a method for the uncertainty propagation through
the code, which is treated as a black-box response function (see Figure 1, below). The input
variables can be categorized into:
- Manufacturing as-fabricated data;
- Modelling and material properties parameters;
- Environmental (mainly the power history).

.
.

.
.
.

RODEX4

Input:
Projected operation
- scenarios
Parameter distributions:
- operational parameters
- fabrication parameters
- model parameters

Result distributions:
- pressure
- strain
- corrosion, etc.
Frequency

Limiting
result

Criteria

Figure 1. Uncertainty propagation through the fuel code (RODEX4 or GALILEO)
The tolerance range for input variables is either given or obtained by truncating the given
distribution at a percentile level which is physically limiting or practically significant.
Typically, the +/- k times the standard deviation is the symmetrical uncertainty range used for
normal or uniform distributions.
It is remarked that the non-parametric order statistics has no limitation or calculational
disadvantage with regards to the number of input variables, i.e. the same number of runs is
required for any number of inputs considered. However, a PIRT process was performed in
order to make sure that all relevant parameters have been considered.
Manufacturing inputs’ set include parameters such as: pellet-to-cladding radial gap; filling
gas pressure; plena and dishing volumes; densification, etc.

The modelling parameters are generally physical variables that are first order to the physical
models analysed and present a material variability or are not accurately known. Gas atom
diffusion coefficient and creep activation energy, are such examples. Also, constants of
semi-empirical models which are obtained by calibration against experimental data have an
uncertainty range incorporating both the fitting and the experimental uncertainties, e.g.,
pellet densification was considered as a manufacturing parameter because it is
characterized by the resintering test during manufacturing.
The procedure to determine model parameter uncertainties is to perform an uncertainty
analysis for the specific benchmarking databases with the best-estimate code and validate in
this way several modelling parameters. This procedure incorporates in the modelling
parameter uncertainty all other sources of uncertainty affecting the experimental data points.
The reactor operation establishes the environment experienced by the fuel rods. This
consists of the fuel power and the fast neutron flux (>1 MeV), and the coolant conditions and
flow rate.
The overall reactor power and flux are subject to a measurement uncertainty. The
power/flux distributions are subject to an axial and radial calculation uncertainty.
The power and flux are also subject to an additional uncertainty due to the potential
difference between projected and actual operation. A channel bow power uncertainty occurs
due to the local evolution of channel bow and is also included in the analysis.

3. STATISTICAL ANALYSIS OF THE WHOLE CORE
The statistical method adopted to evaluate the various output distributions required by the
final statement is the “non-parametric order statistics”. The non-parametric qualifier of the
method means that it does not require knowing what kind of distribution function
characterizes any output of interest. The order statistics allows the determination of the pth
population quantile, which is denoted by qp. The p-quantile, qp, is defined in terms of the
cumulative distribution function, FX(x), of the population as the real number which satisfies
the equation:
FX(qp) = p

(1)

Briefly, the basis of the non-parametric order statistics is as follows. It is well known that,
irrespective of the distribution function, FX(x), the values of the sampled elements can be
mapped into the range [0,1] of the cumulative distribution function, which is uniformly
distributed regardless of what FX(x) is.
Thus, a random sample drawn from the population, X1, X2, …, Xn can be uniquely ordered,
as follows: X(1) < X(2) < … < X(n), where the bracketed indices indicate the order. This will
provide different order statistics, one of which is a given quantile. It is proven theoretically
that the rth order statistics, X( r ) is an un-biased and asymptotically exact estimator of the p =
(r/n) quantile, qp, of the population. Confidence bounds can be calculated and the upper
95% confidence bound is of special interest in our case. The distribution of the rth order
statistics is binomial since any sampled element can be classified as either being less than
qp , with probability P(X < qp) = p, or greater than qp with probability P(X > qp) = 1-p.
Thus the sampling process can be considered as a series of n repeated independent trials of
a Bernoulli variable with parameter p. Then the upper α confidence bound can be calculated
as follows. X(s) is the desired α confidence level estimate of qp if the probability of having X(s)
smaller than qp is (1-α) (a small number). This happens for any combination where j of the
largest sample values, with j greater or equal to s is smaller than qp, and the following
formula is obtained:
n

∑C
j =s

j
n

p j (1 − p) n − j = I p ( s − 1, n − s ) = 1 − α

(2)
where Ip denotes the incomplete beta function. The solution of this equation, s, provides the
required order statistics for the upper α-confidence level estimate of the qp, population

quantile. This equation must be solved numerically for s lower than n, but an analytic
solution can easily be obtained for s=n, which provides the minimum number of runs. When
s=n, the left-hand side of Eq. (2) is reduced to one term, namely, pn, which must be equal to
(1-α). Therefore, the number of samples, n, can be estimated in this case, according to:
n = ln(1-α)/ln(p), (integer of right-hand side +1, to be more precise)
(3)
As an example, the minimum number of runs is according to Eq. (3), 59 for p=0.95 and
α=0.95, which will be used later in Section 4.
The following link which exists between the distribution of all possible values from all fuel
rods, called overall distribution, and the distribution of the fraction of fuel rods exceeding the
threshold, provides the procedure to arrive at the final probabilistic statement as formulated
at the end of Section 2:
“The expected fuel rod fraction, p, of all rods, that do not exceed the threshold q is equal to
the p- quantile, qp, of the overall pressure distribution”.
This statement can be proved as follows. Let us assume that there are m fuel rods with
probability, P(i)=pi, of exceeding the limit qp. Then, it can be shown (using mathematical
induction), by constructing the discrete distribution of the number of fuel rods, that the
expected number of fuel rods not exceeding the limit is equal to the sum of individual rod
probabilities and then the expected rod fraction of fuel rods not exceeding the limit is
obtained by dividing by m. There is an alternative simpler proof for the first part of the
previous statement. Each fuel rod in part can have two possible outcomes: not exceeding
the limit with probability pi, or exceeding the limit with probability (1-pi), and thus it can be
considered as a random variable:

1
pi
0 1 − pi

ωi = {

(4)

The sum of all m random variables is also a random variable, X =

m

∑ω

j

, and its expected

j =1

value can be calculated based on Eq. (4) as follows:
m

m

m

j =1

j =1

j =1

E ( X ) = E ( ∑ ω j ) = ∑ E (ω j ) = ∑ p j and then p=E(X)/m

(5)

On the other hand, the quantile, qp, of the overall pressure distribution associated to p, can
be calculated according to its definition: the quantile, qp, associated to p is the probability
that the output value, selected at random from all possible values of all fuel rods, is less than
qp. Since all fuel rods are equally probable, the probability of choosing any of the fuel rods is
1/m and for any fuel rod the probability of having the output value less than qp is P(i)=pi.
Then the desired probability is the sum of individual rod failure probabilities weighted by 1/m,
the equal probability factor. Thus the fraction associated to the qp quantile is
m

1

∑(m) p
j =1

j

= E( X ) / m = p
(6)

which obviously is the same as Eq. (5), obtained before for the fraction of fuel rods
exceeding the limit, and which proves the statement.
Therefore, the statement (a) can be re-formulated in terms of quantiles of the overall output
distribution as follows:
“The overall output quantile equivalent to the pre-established number of expected fuel rods
exceeding the limit should be less than the pre-defined threshold.”
As an example of the best-estimate methodology, the internal gas pressure criterion is
illustrated in Figure 6, where the histogram is also plotted to illustrate the extreme tail-end

characteristic of the estimated 99.9%/95% upper bound and the margin that is typically
obtained when comparing to the licensing limit.
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Figure 2. Methodology results for gas pressure criterion

4. SIMPLIFIED EXAMPLE TO VERIFY/VALIDATE THE STATISTICAL METHOD
In order to validate the non-parametric order statistics method, a simplified example case
consists of 590 rods, two input variables subject to uncertainty and one output variable
whose distribution is investigated. This bivariate case is amenable to exact analytical
calculations for individual rod output distributions and thus could be used as a validation
case for the numerical statistical procedure used by the methodology.
The code is represented in this simplified example by a response (transfer) function, which is
defined in such a way that the output values are the same order of magnitude as expected
fission gas release values in a real fuel rod. The two input values are denoted as P,
representing a combination of maximum linear power and UO2 diffusion coefficient and B,
representing the discharge burnup. The response function is given by: Y = 1E-10 * P2 * B3.
The two input variables are assumed to be independent and therefore for each rod the
problem is to evaluate the uncertainty propagation through the application of this transfer
function. Both the input variables, P and B and the output variable Y are continuous random
variables characterized by own probability distribution functions, pdf, and cumulative
distribution functions, cdf, which are related by: fY(y) = dFY(y)/dy, where lower case f is the
pdf and the upper case F is the cdf, while upper case Y represents a random variable and
lower case y represents the values of the random variable Y.
The cdf of the output random variable, Y, which is a bivariate function of P and B (assumed
independent variables, with either a uniform or truncated normal distribution) can be
calculated from the following relation:

FY ( y ) =

∫∫ f

( p ) f (b)dpdb

P
B
D ={( p ,b ) , Y ( p ,b ) ≤ y }

The input variable sets for the 590 rods have been selected as follows: a high FGR group of
59 rods starting with the highest FGR rod at p=45 and b=52 and then progressively lower
values in decrements of 0.5% for the rest of the rods; a low FGR group of 43 rods starting
with the upper bound rod at p=35 and b=40.5 and then progressively lower values in
decrements of 0.5% for the rest of the rods. The uncertainty range for all 590 values of both
P and B was assumed to be +/- 10% of their respective nominal values.

CDF

To that end, two runs of 100 and respectively 500 random values for each rod have been
processed and their comparison showed negligible differences, thus proving that the sample
size is sufficient for obtaining a faithful image of the overall population distribution. The
whole output range from al rods was divided into 100 classes of equal size and the relative
histogram was obtained.
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Then the cumulative distribution function was calculated by recursively adding the
percentage value of a given class to the sum of percentages from all prior classes. By
numerically differentiating this tabulated function, the probability distribution function can
then be obtained. The resulting functions in the case of uniform distribution for the input
variables are displayed in Figures 3 and 4, above.
As an example, the quantile corresponding to the 95% rod fraction expected to not exceed
the threshold for this population of 590 rods was obtained from the derived cumulative
distribution and the corresponding quantile, p=0.95. For the uniform distribution qp is 0.029.
This is the theoretical value against which numerical estimates have been evaluated.

A study of the effect of sample size and sampling method was carried out. To that end the
non-parametric order statistics is applied to estimate the 95%/95% quantile. The minimum
number of runs to obtain the 95%/95% quantile is 59, as can be easily obtained from Eq. 3
for s=n, i.e. the maximum value after ordering the outputs is the outcome. If more runs are
performed, the second largest, or the third largest, etc. can be used as an estimate of the
95%/95% quantile, by numerically solving Eq. 2 for s = n-1, n-2, etc..
The accuracy of the estimate increases with the number of runs. On the other hand, the
lower-size samples provide a conservative estimate, i.e. greater than the theoretical value.
The following figures illustrate the conservatism of estimating the desired quantile based on
the minimum sample size.
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Figure 5. Impact of the number of runs on the 95/95 quantile estimate

5. AOO SET-BACK METHODOLOGY
The methodology to analyse AOO transients is a set-back methodology with respect to the
maximum nodal power, or FDL (Fuel Design Limit). Unlike the previous approach, the AOO
transients are directly analysed by the fuel code and the strain and centreline outcomes
checked against the criteria.
However, a still conservative assumption had to be maintained, namely to postulate that the
reactor core state, during these abnormal occurrences, can be quite different from that of the
realistic power histories such that any fuel rod can could be assumed to be right at the FDL,
which is the starting LHGR for the AOO transient. This assumption decouples the assumed
pre-transient LHGR from the realistic power histories, which typically lie below FDL and are
only occasionally increased to FDL for operational flexibility verification. The basis for this
assumption was validated as follows.
First, the use of FDL as starting point for the AOO transients was justified by parametric
studies, which showed that the outcome of the transient is proportional to the initial LHGR,
so that it suffices to analyse the hottest node from the hottest fuel rod.
Secondly, the issue of decoupling the AOO transients from the realistic power histories and
the integration in the statistical framework was resolved by recognizing that the major fuel
rod parameter affecting the transient results is the pre-transient radial fuel-to-cladding gap.
The value of this radial gap at a given burnup and power level is the result of the previous

power history and the current values of the fuel rod characteristics, as well as all the
modelling parameters. Therefore, the current value of the fuel-to-cladding gap represents a
comprehensive unique state variable that incorporates the variability of all the input
parameters considered in the realistic methodology.
As such, the statistics of the fuel-to-cladding gap is used as a global fuel parameter for the
AOO analysis. In order to obtain the fuel-to-cladding gap statistics, information on gap
values at various powers and exposures is collected from the steady-state runs, which is
then summarized as a discrete variability range for power intervals versus burnup. It was
verified that the gap distribution thus derived for a given burnup and power level follows a
normal distribution.

Figure 6.
Example of 5/95 and 95/95 lower and upper bounds for the pellet-to-cladding
gap for a given power bin and vs. burnup.
Therefore, it is possible to follow a particular fuel rod power history and at any time during
that simulation, i.e. for any combination of power and burnup, sample a gap value within the
gap variability range typical for the pre-transient fuel rod state, which is then used to reset
the gap at the beginning of the AOO transient for each particular run.
Other material properties will also be considered for their impact on the respective transient
outcome. The following three parameters were considered necessary to be modified for
their high-temperature uncertainty: fuel thermal conductivity, fuel specific heat and fuel
thermal expansion. In addition, pellet surface roughness, cladding inner surface roughness,
initial pre-transient power are also varied for the statistical analysis consists of performing 59
steady-state runs(for a 95%/95% statement)
The maximum values of strain increment and centreline temperature from all the 59 runs are
the 95%/95% upper bounds of these two outcomes of interest and they are checked against
the criteria. If the criteria are not met, the runs are repeated with reduced FDL until
compliance with the criteria is achieved.

6. CONCLUSIONS
The best-estimate methodology presented in the paper is based on theoretically sound
Monte-Carlo and non-parametric order statistics methods. It assumes the availability of a
best-estimate fuel code and relies on good databases for fabrication and modelling
parameters.

The statistical design methodology is a powerful tool to realistically assess the behaviour of
the fuel rods in a reactor core. It has the capability of characterizing the degree of
conservatism through the statistical evaluation of numbers of fuel rods coming close to a
design limit by making statements about the statistical certainty for the actual occurrence of
extreme cases.
In this way the margin to licensing criteria is quantitatively determined, unlike the previous
bounding deterministic analyses which required over conservatism for all input categories in
order to provide a conservative response.
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ABSTRACT
A new model for the diffusion and convection of a three-gas-component
system based on transport theory was developed. This model was
implemented in EPRI’s Falcon fuel performance code to study the behavior
of defective fuel rods. A comparison was made between the new threecomponent model and the two-component model in DEFECT code for an
idealized BWR test case. The comparison has shown that the presence of
fill gas, under certain circumstance, can change the condition of steam
starvation, and consequently can affect the evolution of secondary
degradation. A test case conducted at Halden reactor, IFA631-1, was also
modelled using the modified Falcon code. Reasonable agreement between
calculated and measured fuel centerline temperatures after primary failure
was achieved. The addition of the new model extends Falcon’s capability to
the analysis of secondary degradation.

1. Introduction
The breach of Light Water Reactor (LWR) fuel cladding causes the ingress of coolant water
into the fuel-cladding gap and plenum, which results in cladding inner surface oxidation and
steam radiolysis. The hydrogen generated in these processes can be absorbed by the
cladding and subsequently precipitate as -hydrides when the hydrogen solubility limit in the
zirconium alloy cladding is exceeded. In a region where steam flow is impaired due to
reduced or closed fuel-cladding gap, usually at some distance from the primary defect, a
condition of steam starvation develops, which leads to massive hydriding, with significant
reduction in cladding ductility and fracture toughness. Mechanical load on the cladding
caused by pellet-cladding mechanical interaction and/or volumetric expansion of the hydrides
in the cladding leads to cladding fracture initiated from the cracks at the location of massive
hydriding. Although it is almost inevitable that corrosion and hydriding at the cladding inner
surface would eventually lead to cladding failure, the primary concern was that extensive
through-wall cracking could develop, either in the form of long axial splits or circumferential
cracks or guillotine separation. This results in exposing the fuel to the coolant and the release
of fission products and actinides into the coolant system. In this respect, degradation is
defined as fuel failures that result in sustained off-gas activity exceeding 5000 micro-Ci/sec,
or a crack length greater than 15 cm [1]. A classical review of secondary degradation was
given by Locke [2]. The degradation mechanisms have been discussed in the review papers
[1], [3].
It is necessary to quantify the parameters that can affect the secondary degradation in order
to provide information to nuclear plant operators to develop operating strategies to mitigate
the effects of the primary defect and prevent its progression to severe fuel degradation. A
finite-element-based fuel behavior code, DEFECT [4-6], which is a derivative of Falcon's
predecessor, the FREY code, had been developed by ANATECH for EPRI, which models the
thermal, mechanical, and chemical behavior of a fuel rod subjected to cladding breach, as
part of the failed-fuel degradation R&D program of EPRI. DEFECT was validated using data

from a number of commercial fuel rods and was used to provide operational
recommendations for failed fuel rods [7]. In the original DEFECT code only steam and
hydrogen were accounted for, and pressure equilibration was assumed to occur
instantaneously, which is a simplification of the gas transport process. A more general
description of this processes is given below:
a) Coolant water enters into the fuel rod through a primary defect driven by the
pressure difference between the coolant system and the fuel rod interior.
b) Coolant water flashes into steam at high temperature (above saturation
temperature) in the fuel rod interior.
c) Steam flows in the fuel rod interior until eventually reaches a pressure
equilibration; this process depends on the resistance in the flow path: the size and
geometry of the primary defect, configurations of cracks in the fuel, and the
tightness of the fuel-cladding gap.
d) In addition to the fill gas, gaseous fission products, steam in the fuel rod, the
oxidation reaction of steam with the cladding, and steam radiolysis add hydrogen
and hydrogen peroxide into the system.
e) Hydrogen pickup from oxidation and hydrogen absorption at cladding inner
surface reduce the amount of hydrogen in fuel-cladding gap.
f) Steam replenishes the fuel rod void volume through the primary defect as a result
of the pressure imbalance between fuel rod interior and the coolant caused by
hydrogen absorption.
To treat these complicated transport characteristics, this paper presents a new model for the
diffusion and convection of a three-component system based on transport theory. Variable
axial fuel-cladding gap size and temperature distribution along the axial direction of the fuel
rod are considered in the model, which provides the basis for the modeling and analysis of
defective fuel behavior of commercial and test rods under various operating conditions. This
new model, combined with applicable DEFECT subroutines, was implemented in a special
version of Falcon as a new capability for modeling the transport of steam, hydrogen, and fill
gas in the fuel-cladding gap following a primary failure.
A comparison was made between the new Falcon-DEFECT code and the original DEFECT
code for an idealized BWR test case to study the effect of fill gas on the thermal behavior and
secondary degradation. The results show that using the new model, the fill gas, which was
ignored in the DEFECT code, continues after pressure equilibration to occupy a region of the
fuel-cladding gap and, consequently, can change the condition of steam starvation and affect
the evolution of secondary degradation. The new Falcon-DEFECT code was tested against
Halden test case IFA631-1; reasonable agreement is predicted between the calculated fuel
centerline temperature and the measured temperature after primary failure was introduced.
This analysis is the first example that demonstrates the new model's capability for the
analysis of secondary degradation.

2. Methodology
2.1 Governing Equations
Detailed description of species diffusion modeling in a finite element framework are
documented in [4]. Eqs. (1) – (7) describe the new model for the diffusion and convection of a
three-component system.
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Where, i,j represents the binary diffusion coefficient between gas species i and j; Di,m
represents the diffusion coeffient between gas species i and the mixture of the remaining gas
species in the three-component system; Ni is the convective flux of gas speicies i; xi is the
molar fraction of gas species i. RH2 is the net hydrogen production rate accounting for both
the oxidation reaction of steam with the cladding and hydrogen absorption by the cladding at
the inner surface. The convective flux was calculated by accouting for the pressure
imbalance caused by the hydrogen absorption in the fuel rod.
Note that the methodology can, in principle, be extended to a multi-component system to
include the effects of multiple gaseous fission products in the gap inventory.

2.2 Binary Diffusivity
Eqs. 6 and Eq. 7 show that binary diffusion diffusivity is the key material property in the
transport equations for multiple gas species. Binary diffusivities among different gas species
are calculated using the working equation derived by Chapman and Enskog [8]:

 AB 
Where:

0.00266T 3/ 2
2
P 2(1/ M A  1/ M B ) 1 AB
D

(8)

 AB = diffusion coefficient, cm2/sec
 AB = characteristic length, Å
 D = diffusion collision integral, dimensionless
M A = molecular weight of A
M B = molecular weight of B
P = Pressure, bar
T = Temperature, K

The parameters  AB and  D depend on the intermolecular potential between gas species A
and B. One method based on Lennard-Jones potential [8] is used in the calculation.
Calculated binary diffusivity for H2O/He and for H2/He as a function of temperature at 7.2
MPa are shown in Figure 1 below.

Fig 1 Binary Diffusion Coefficient of H2O/He and H2/He at 7.2 MPa

3. Results
3.1 An Idealized Study of Gas Transport in a Defected Fuel Rod
A BWR test case with a primary defect at the top of the fuel rod is prepared. Key parameters
for the test case are listed in Table 1 below.
Table 1: Parameters for a BWR Rod
Parameters
Value (unit)
Cladding OD
12.268 (mm)
Cladding ID
10.463 (mm)
As-fabricated Radial
100 (micron)
Gap
Axial Length
3.810 (m)
3
Plenum Volume
17.08 (cm )
Rod Average/Max
17.65 / 22.93 (kW/m)
Power
Fill Gas
He @ 0.3 MPa
Time of primary defect
24 (hr)

An idealized chopped-cosine shape power profile with a peak to average ratio of 1.3 is used
in this case. The peak power occurs at the middle of the fuel rod. Primary defect is introduced
at the top of the fuel rod at 24 hr. Figure 2 shows the gap gas composition including helium,
steam, and hydrogen at 24 hr (time of primary defect), 27 hr, 30 hr, and 36 hr respectively.

Fig 2 Gap Gas Composition Change after Primary Failure
After primary failure (24 hr), the ingress of steam pressurizes the system rapidly and pushes
the fill gas to about one third of the fuel-cladding gap at the pressure equilibrium condition.
Production of hydrogen due primarily to steam oxidation correlates with the peak power
location. Although the lower part of the fuel rod gap is occupied by the helium fill gas, some
hydrogen can diffuse to the lower part of the fuel rod within a few hours.
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Fig 3. Fuel Centerline Temperature Evolution after Primary Failure
Figure 3 shows the fuel centerline temperature at 24 hr (time of primary failure), 27 hr, 30 hr,
and 36 hr respectively. With the ingress of steam into the fuel-cladding gap, fuel temperature

increases in the upper part due to the low thermal conductivity of steam as compared to the
helium fill gas. Subsequent production and diffusion of hydrogen increase the thermal
conductivity of gap gas and result in the fuel temperature decrease in the upper part of the
fuel rod. Hydrogen diffusion into the lower fuel rod however does not show any apparent
impact on the fuel temperature due to the high thermal conductivity of hydrogen, which is
comparable to helium thermal conductivity.
Table 2 compares the differences in the hydriding results between the two-component model
in original DEFECT code and the new three-component model. The lower fuel region
enriched with helium fill gas promotes the steam starvation condition. Also, the diffusion of
hydrogen in helium is relatively faster than the diffusion between helium and steam. Both of
these factors could have contributed to the hydriding at the lower portion of the fuel rod,
which is far from the primary defect. Table 2 shows that the hydriding predicted by the new
model initiates earlier and the hydrided area is shifted toward a relatively lower axial location
compared to the original DEFECT code due to the effects of the helium fill gas.
Table 2: Comparison of Initial Hydriding between Three-component Model and Twocomponent Model

2-Component
Model
3-Component
Model

Initial Hydriding at Cladding Inner Surface
Time after Primary failure
Axial Length (m)
(hr)
72
0.99-2.27
56

0 – 1.8

3.2 Result of IFA631-1
IFA631 is one of the test series conducted at the Halden test reactor to study the phenomena
and the mechanisms of secondary degradation after primary failure. Experimental setup
information was summarized in [9]. Table 3 lists the main features of test rod 1, which is
modeled using Falcon-DEFECT code with the new transport model.
Table 3: Test Features of IFA631-1
Parameters
Cladding OD/ID
As-fabricated Radial
Gap Size
Active Fuel Length
Peak LHGR
Fill Gas

Value (unit)
9.62 /8.36 (mm)
85 (micron)
1.2 (m)
20 – 35 kW/m
70% He + 30%Ar @ 0.3 MPa, RT

Water was introduced from the top plenum after a base irradiation period of 144 days to
simulate primary failure; and the test rod was subsequently irradiated for 118 days.
Comparisons between calculated fuel centerline temperature and thermocouple
measurement at the upper and lower thermocouple locations are shown in Figure 4 and
Figure 5 respectively. The fuel centerline temperature response depends on many factors:
gap conductance variation, fuel relocation, fuel thermal conductivity change, corrosion
reaction at cladding inner surface, and cladding outer surface heat transfer. Fuel modeling
options in Falcon were chosen to achieve a good agreement between the calculated

temperature and the measurement during the base irradiation period. This provided the basis
for temperature comparison after primary failure. Among all the factors that can affect the fuel
temperature response, the gap conductance change due to gap gas composition is
considered as the major reason for the difference between the measured and the calculated
temperature response. After steam ingress, the fuel-cladding gap is initially filled with steam.
Production of hydrogen and diffusion of hydrogen and fill gas tend to replace some steam in
fuel-cladding gap. This has a pronounced effect at the lower thermocouple location, where
accumulated hydrogen accounts for the gap conductance increase and low fuel temperature.
At the upper thermocouple location, however, steam remains dominant. The mechanisms
included in the model seem to provide a general good agreement for temperature prediction
after primary failure and the model can capture the immediate temperature drop after primary
failure at the lower thermocouple location. However, there is a period of discrepancy between
the model prediction and measurement (0-20 days at the upper thermocouple location and
10-30 days at the lower thermocouple location).
The temperature increase in the lower thermocouple measurement indicates an increase of
low thermal conductivity gas; since the calculated fission gas release at the test rod’s burnup
level is negligible, steam seems to account for this temperature increase. The upper
thermocouple, on the other hand, shows a relatively slow temperature increase as compared
to the rapid temperature increase calculated by the model. Since the characteristic time for
gas diffusion at the operating temperature and pressure is only a few days, it appears that
the hydrogen absorption and steam ingress due to convective mass transport could have
changed the gap gas composition after primary failure. The model predicts that hydriding can
be terminated depending on the critical ratio of hydrogen to steam [4]. It is speculated that
hydrogen absorption in the test can happen at a much lower ratio of hydrogen to steam and
the hydriding could have caused large convective flux to increase steam to affect the
temperature response.

Fig 4 Comparison of Calculated Temperature with Lower Fuel Thermocouple

Fig 5 Comparison of Calculated Temperature with Upper Fuel Thermocouple

4. Summary and Conclusions
A new three-component gas transport model was developed and implemented in Falcon fuel
performance code. The new model is capable of describing the axial gas transport of steam,
hydrogen, and fill gas in a defective fuel rod. A comparison was made between the new
model and the original DEFECT code for an idealized BWR rod case. The results have
shown that the presence of fill gas when confined in a local region after pressure equilibration
can change the condition of steam starvation, and consequently can affect the evolution of
secondary degradation. The new model in Falcon code was used to model Halden test IFA
631-1. Effect of gap gas transport on the fuel temperature response is accounted for in the
new model and a reasonable prediction of fuel centerline temperature was achieved.
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ABSTRACT
The availability of a reliable tool and an associated methodology able to accurately predict
the fuel behaviour in all conditions is of great importance for safe and economic fuel usage.
For that purpose, AREVA has developed the new global fuel rod performance code
GALILEO. With the submittal of Topical Reports for GALILEO to the U.S. NRC in 2012,
GALILEO is on its way to be industrially used to accurately predict fuel performance
behaviour in a wide range of irradiation conditions, for UO2, Gad and MOX fuels at high
burnup or power, for both PWR and BWR reactors.
GALILEO benefits from AREVA’s worldwide competences and experiences. It is supported
by an extensive experimental database including both international and own, global and
separate-effects, irradiation programs and covering high burnup, low and high duty, for both
PWR and BWR fuel. The wide range of the database gives to GALILEO a uniquely large and
up to date domain of application in terms of rod characteristics and operating conditions.
Inspired from the CARO-E3, COPERNIC2 and RODEX4 codes, GALILEO incorporates
state-of-the-art models to adequately simulating high burnup effects (e.g. fuel thermal
conductivity degradation, high burnup structure, fission gas release enhancement, Helium
release for MOX fuel…) or multi-dimensional effects (e.g. diametral change of the fuel rod for
various pellet length to diameter ratio, dish filling…). GALILEO extensive database and
advanced models will be described in this paper.
GALILEO will be deployed together with the best-estimate realistic methodology for thermomechanical licensing analyses that was recently developed at AREVA in conjunction with
RODEX4 code and approved by the U.S. Nuclear Regulatory Commission (NRC). This
methodology implements an uncertainty propagation method in order to estimate the
uncertainties of critical outputs of interest, which are compared to the required licensing
criteria. Employing GALILEO as the best-estimate fuel performance code and an adequate
derivation of uncertainties associated with all significant input variables, coupled with using
the realistic projected power histories is the basis for the realistic quantification of output
uncertainty. This technique has the advantage of being less time-consuming than MonteCarlo methods and reduces over conservatisms compared to deterministic bounding
calculations. This paper will describe in a last part, how GALILEO model uncertainties were
determined.

1. Introduction
The availability of a reliable tool and an associated methodology able to accurately predict
the fuel behaviour in all conditions is of great importance for safe and economic fuel usage.
To that end, AREVA has developed the new global fuel rod performance code, GALILEO.
Inspired from the CARO-E3, COPERNIC2 and RODEX4 codes, GALILEO benefits from
AREVA’s worldwide competences and experiences. GALILEO incorporates state-of-the-art
models, which accurately predict fuel behaviour, especially for modern fuel that is operated in
the high duty and high burnup domains of both PWR and BWR reactors.
After a brief overview of code structure, the paper will focus on the GALILEO database,
which is extensive and representative for both PWR and BWR reactors and a variety of fuel
and cladding types. GALILEO benefits from a large amount of experimental data, coming
from commercial or experimental reactors, which are used to calibrate and validate the
models on a large scope of rod types and irradiation conditions. Then salient features of the
main GALILEO advanced models describing the important thermal and mechanical
phenomena taking place in a fuel rod will be described. GALILEO will be deployed together
with an efficient realistic methodology that will be described in last chapter.

2. GALILEO overview
GALILEO takes advantage of the usual axial symmetry simplification, being thus a 1.5
dimensional code; therefore each slice of the axial discretization of the fuel rod has a radial
discretization. Most of the models are first calculated radially for each slice and afterwards
taking into account axial interactions. The radial mesh is optimized to 20 nodes in the pellet
and 6 in the cladding. GALILEO has a modular structure for the implemented models.
Models are solved by their own driver at slice level, then couplers manage interactions
between models and slices.
GALILEO has been designed to be widely used in an industrial environment; therefore,
efforts have been focused on providing robustness and reliability of the code. An advanced
time control algorithm drives the internal iteration loop process for any time step, by solving
the convergence problems generated by feedback loops between thermal and mechanical
processes. Powerful input/ouput systems and peripheral tools have been developed to
facilitate interfacing with databases, statistical methodology and graphical tools.

3. GALILEO database
GALILEO predictive capability is supported by an extensive experimental database. It
consists of about 1500 rods, without the corrosion measurements, half of them having been
irradiated in BWR conditions and the other half in PWR conditions.
Regarding rod fuel type: 9% correspond to Gadolinium fuel, 9% to MOX fuel, and 82% to
UO2 fuel, respectively. Cladding types include Zy-2 (in Cold Work Stress Relieved and
Recrystallized states), Zy-4, M5 and a couple of others.
The burnup distribution of the database is presented in Fig 1.
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The GALILEO database is divided into two parts: 26% of the rods come from international
programs and AREVA bilateral programs, and 74% of the rods were examined after
commercial irradiation (fuel surveillance programs).
The “international programs” part of the database includes 319 rods distributed in 21
programs. It includes measurement of fuel centreline temperature (CLT), rod diameter
change (RDC), fission gas release (FGR) and Helium balance (HeB). Some of these
programs provide also some information about fuel microstructure evolution with irradiation.
The international database is complemented with bilateral programs (70 rods) to get specific
data for direct model validation or to gain greater insight into the mechanisms involved.
The “international programs” and the “AREVA bilateral programs” parts of the database are
summarized in Tab 1.
Program

Halden, HBC
HBEP,
INTERRAMP,
OVERRAMP,
SUPERRAMP I and II,
SUPER-RAMP
EXTENSION, MARKBEB, DEMO-RAMP
II, SCIP I
ZORITA,
HBRP,
TRIBULATION, NFIR
1, Risø 3, DOE
EXTENDED
BURNUP
PRIMO, GERONIMO
/ TOP-GUN

Fuel
UO2,
MOX,
(U,Gd)O2

Investigated
phenomenon
Fuel
temperature up
to fusion

# of
rods

CLT

FGR
HeB

40

x

x

UO2,
(U,Gd)O2

Pellet Clad
Interaction
(PCI) resistance

89

x

UO2

High burnup rod
behaviour

149

x

MOX dedicated
25
x
program
Gadolinium
GAIN
(U,Gd)O2
dedicated
13
x
program
Lift-off
conditions
over
pressurization
ROPE2
UO2
3
up to 14.6 MPa
above the
system
pressure
UO2,
Various
AREVA
Bilateral
MOX,
complementary
70
x
x
Programs
(U,Gd)O2
programs
Tab 1: Description of the International and AREVA Bilateral programs used
Validation
MOX

RDC

Max
BU
100

x

68

62

x

66

x

56

x

45

x

75

for GALILEO

The majority of the database consists of the post irradiation characterization and examination
of commercial rods, irradiated in Europe and in the USA. These commercial data cover the
whole range of designs from 9x9 to 10x10 for BWRs and from 14x14 to 17x17 for PWRs;
UO2, MOX and UO2-Gd2O3fuel type and various CWSR and RX cladding types, and burnups
up to 100 GWd/tM. The database includes measurements of fission gas release, rod growth,
pellet stack growth, corrosion, diameter change, and post-irradiation free volumes. More
detailed examinations consist of fuel ceramographies and cladding metallographies,

complemented in some cases with fuel EPMA profiles (mainly Xe, Pu and Nd concentration
measurements used), SIMS and SEM examinations [1][2][3].

4. GALILEO models
4.1.
Thermal models
The thermal problem accounting for transient radial heat conduction in the fuel pellet and
cladding is solved for the axisymmetric cylindrical geometry. Several thermally related
phenomena are addressed to accurately predict fuel and clad temperatures. Some
innovative features of GALILEO are summarized hereafter:
- The fuel radial power distribution are generated by CIRTHE, a sophisticated pin cell
neutronic code [6] which uses a one-dimensional collision-probability method with finemeshed energy group structure and radial subdivision of the cell area for a large range of
reactor environments, including Halden Boiling Water Reactor condition.
- The fuel thermal conductivity is described by Fink correlation [4]. Burnup degradation is
taken into account as well as effect of porosity, while the effect of radiation damage at low
temperatures is derived from the LUCUTA expression [5]. The local porosity decreases
with densification at beginning of life but increases afterwards due to gaseous swelling in
the centre of the pellet and due to High Burnup Structure (HBS) at the pellet rim. HBS has
been observed at the fuel pellet periphery when the local burnup exceeds roughly a value
of 60 GWd/tM and the local temperature remains below 800 °C. An original model is
introduced into GALILEO to describe this fuel restructuring. This contribution is particularly
important in order to simulate recent data up to 100 GWd/tM [3] when the HBS can extend
to mid-pellet radius.
- The thermal relocation is modeled as fragment outward shift due to cracking of pellets and
also their eccentricity inside the cladding, which cannot be obtained with the simplified 1-D
thermal model. This thermal relocation that reduces the hot gap has been calibrated on
the HALDEN temperature experiments.
GALILEO thermal models are benchmarked on a comprehensive database, which contains
centreline temperature measurements obtained on more than 50 instrumented rods
irradiated in different test reactors.
As an example, Fig 2 and Fig 3 display the measured over predicted ratio of the fuel
centerline temperature versus burnup and LHGR, respectively, for the whole thermal
validation database. It can be concluded from these figures that there is no bias of the
thermal model with respect to either centreline temperature or LHGR for their whole range of
application, including very high burnup of up to 100 GWd/tHM.

Fig 2: Measured/predicted temperature vs
Burnup

4.2.

Fig 3: Measured/predicted temperature vs
LHGR

Fission Gas Release

The microstructure and the composition of nuclear fuel at high burnup are quite different from
as-fabricated fuel, significantly affecting the fuel thermal conductivity and porosity (see
section 4.1). Also, the migration of the fission gas atoms in the fuel matrix is enhanced at
high burnup which results in increased FGR. This enhancement is significant and present
even for low power periods [3].
The application of GALILEO to higher duty conditions was made possible by the vast AREVA
database, which allowed an extended and thorough calibration of the existing thermal FGR

model. It also permitted the introduction of new mechanisms to the model in order to
reproduce the observed high burnup FGR enhancement as described below.
The re-calibrated thermal FGR model is a classical two-step diffusion model following the
formalism of Turnbull for the diffusion coefficients, which takes into account grain boundary
incubation and saturation and irradiation-induced resolution from the grain boundaries. It also
considers grain growth effects. Transient features for relevant and rapid power changes are
modeled by burst effects and a moderate increase of the diffusion coefficient.
Several experimental observations dealing with the xenon concentration in the fuel matrix led
to an innovative approach in GALILEO, namely, the introduction of a saw tooth-like xenon
concentration limit in the fuel matrix, which is dependent on the local fuel burnup and
temperature [7]. At ultra-high burnup, as achieved in the pellet rim, the creation of large
bubbles reaches an extreme and large pores are formed. It appears that a recrystallization
process combined with diffusion along grain boundaries leads to this large porosity
development and interlinkage. Comparison of predicted to measured EPMA radial profiles in
Fig 4 shows that the saw tooth-like xenon concentration limit in the fuel matrix is well
reproduced by this innovative model.
The calculated versus measured FGR values for the validation database are shown in Fig 5,
demonstrating the good predictive capabilities of GALILEO for the whole range of measured
FGR and for both BWR and PWR conditions.

Fig 4: Predicted and measured EPMA data
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Fig 5: FGR predicted vs measured FGR

Helium production and behaviour

GALILEO only addresses the helium (He) behaviour modelling for MOX fuels, as helium
content remains almost constant during irradiation of a fuel rod made of standard UO2 fuel.
The He production stems from three different sources:  decay of some of the actinides, (n,
) reactions of 16O, and ternary fissions. As He is soluble within the fuel, at the beginning of
irradiation He is absorbed from the initial gas fill of the rod (this solubility is linked to the He
partial pressure within the fuel atmosphere and fuel porosity). When He production leads to a
concentration above the maximum He solubility, a significant He amount can be potentially
released resulting in a positive He balance within the fuel rod atmosphere (this clearly
exceeds the manufacturing and measurement uncertainty range).
The PRODHEL module [8] developed by the Commissariat à l’Energie Atomique (CEA) is
used for He production calculations. PRODHEL is able to deal with the three He production
routes as listed above. The results of PRODHEL/GALILEO benchmark against ORIGEN-S
on some PWR cases are shown in Fig 6 demonstrating the good agreement between the
predictions of the two codes.
The GALILEO He behaviour validation database encompasses about 50 MOX fuel rods
irradiated in European commercial reactors (BWR and PWR) and covering a burnup up to 67
GWd/tM. The good agreement between calculated and measured Helium balance on this
database, for the whole range of Helium balance from absorption to release, is illustrated in
Fig 7.

Fig 6: Comparison of GALILEO and
ORIGEN-S calculations on He production
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Fig 7: Predicted vs measured Helium
balance data

Mechanical models

GALILEO assumes that all dimensional changes due to different processes are expressed
with strains. The total strain is thus the sum of individual contributions: elasticity, thermal
expansion, densification, solid and gaseous swelling, etc.
Some advanced models were developed in order to represent high burnup effects, as
follows:
- The densification model is based on the continuous disappearance of manufacturing
porosity classes, according to different burnup-dependent kinetics.
- A single solid swelling rate is considered for all fuel types. The local solid swelling at a
given element is coupled with FGR and adjusted in HBS.
- The gaseous swelling comes mainly from the inter-granular bubble formation and growth
during gas migration. The gaseous swelling model is linked to the FGR model via the
diffusion coefficient and the intergranular incubation threshold. It has also been coupled
with mechanical model by taking into account the effect of fuel hydrostatic pressure.
- A reversible 1-D crack model in viscoplastic conditions has been developed. It consists in
rewriting the classical Hooke law by imposing a stress value in axial or tangential
direction, representative of the cracked pellet region. This model is activated for a given
fuel finite element in a specific direction when the calculated stress in that direction
exceeds the tensile fracture stress. On the contrary when an existing crack closes when
the calculated crack strain becomes negative.
A certain number of innovative features were introduced in GALILEO in order to represent
multi-dimensional effects. Among them, we can highlight the following:
- Innovative algorithms have been developed in the framework of the 1-D classical finite
element method used to solve the mechanical problem. A generalized axial plane strain is
assumed in the cladding. In the fuel, the axial condition varies from plane strain to plane
stress according to the pellet length over diameter (L/D) ratio. It allows proper modeling of
a large range of pellet designs in terms of rod diameter increase during transient
conditions.
- The cracking of the pellet in some big fragments significantly exacerbates the
hourglassing shape of a pellet exposed to a thermal gradient. This multi-dimensional
effect [9] cannot be captured by a 1-D model. Therefore, an additional solution has been
introduced, giving rise to an over displacement of the rod average diameter by taking into
account formation of ridges on the cladding. The pellet fragment is considered as a
compound beam, subjected to a bending moment (the thermal gradient), whereas the
cladding is modeled as a thin shell. This model is used to model the soft contact at the
beginning of the pellet-cladding contact, when the tendency is to straighten back the pellet
fragments.
- Near the dish region, an axial plain stress state is the most representative 1D mechanical
condition, which is a different condition from the rest of the pellet. As only the fuel creep
strain, which strongly depends on the stress state, is considered differently in the dish
region from the rest of the pellet, a specific fuel creep strain rate with a stress
representative of the dish region has been introduced in GALILEO. It contributes together

Predicted RDC (µm)

with the swelling strains to the dish filling at the pellet ends. Fig 8 shows the accuracy of
the dish filling model by comparing measurements and calculations on the percentage
dish filling.
Fig 9 presents the calculated versus measured Rod Diameter Change on GALILEO
database for various pellets L/D. It shows the good mechanical predictive capabilities of
GALILEO for various pellet designs.

Measured Rod Diameter Change (µm)

Fig 8: Predicted vs measured dish filling

4.5.

Fig 9: Predicted vs measured RDC for
various pellets L/D ratio

Cladding oxidation and hydrogen pickup

The oxide module in GALILEO determines the growth of the oxide layer that forms on the
outer surface of the fuel rod cladding as a function of environmental conditions. It provides:
the oxide layer thickness and the hydrogen concentration of the cladding, the loss of cladding
wall available to carry the rod internal pressure and pellet-cladding contact loads, the
hydrogen uptake during corrosion, the thermal barrier induced by the oxide layer. For BWR,
CRUD buildup can also be taken into account.

4.6.

Methodology for uncertainty determination

The realistic methodology was first proposed for application with the RODEX4 submittal and
it was recently approved (Feb. 2008) by the NRC for application with RODEX4. A brief
outline is provided here with emphasis on the model parameter uncertainty derivation (more
details on the methodology can be found in Ref. [10], presented at this conference).
The realistic methodology, in contrast to bounding deterministic approaches to design and
licensing analysis, aims at quantifying the uncertainties of the outputs of interest in order to
determine a specific upper or lower bound that is to be compared against pre-defined
acceptance criteria. The uncertainties of code outputs are the results of uncertainties of all
input parameters and variables. Therefore, the realistic methodology requires a method for
uncertainty propagation, a best-estimate fuel code and determination of input uncertainties.
The non-parametric order statistics method was employed as uncertainty propagation
technique because it allows determination of desired bounding values (specified quantiles)
for the outputs of interest with the same minimum computational effort regardless of the
number of inputs that are considered with uncertainty. This procedure has the advantage of
being less time-consuming than Monte-Carlo methods.
The inputs variables are grouped in three categories, namely, fabrication, environmental and
modelling, each with own uncertainty. The fabrication variables are both pellet and cladding
dimensional characteristics and also some material properties; their uncertainties are
quantified by the continuously updated manufacturing statistics. The environmental
parameters are rod power and axial profile as well as coolant T/H parameters. The distinctive
feature of the realistic methodology is the use of the realistic power histories as defined by
the neutronic design or determined from core follow-up.
The third category of inputs refers to modelling uncertainties, i.e. uncertainties associated
with the fuel code predictions for different models. To that end, the code response function
for a particular output of interest, Y, can be characterized through benchmarking of the
corresponding database, by the following function describing the comparison between

calculations and measurements: Y  log C M where, C is the calculated value
corresponding to the measured value M. The logarithm chosen has the advantage of
providing a symmetric metrics for the comparison of calculated and measured values; perfect
agreement for Y equal to zero, while an over-prediction by a factor of x, and an underprediction by a factor 1/x will be presented as the symmetrical values +log(x) and –log(x).
The model parameter AX associated to Y is considered in a normalized manner, i.e. the ratio
of the current value to the nominal value (the model parameter can be either a multiplicative
factor or a relevant constant of the model). The model parameter nominal values are those
arrived at through the calibration process, which assures a best-estimate code response, i.e.
no overall bias. This means that the distribution of log C M for the nominal value of AX is a
typical normal distribution centred on zero (the middle Gaussian in Fig 10 below).
The variation of Y around the best-estimate value of zero is due to some modelling
uncertainty per se, but also in large part to intrinsic material properties variability. An
uncertainty range is determined for the model parameters by using a first order linear
uncertainty propagation theory based on sensitivity coefficient. In order to determine the
sensitivity coefficient, the first order uncertainty analysis is carried out for the average of the
benchmarking distribution, as follows:
Let:
X  log AX 
with
Eq. 1
Y  log [C M]  f X
Then Y can be approximated by a linear first order relation around the best-estimate point as
follows:
Y  Y0  S  (X  X 0 )
X 0 , Y0 nominal values
with
Eq. 2
where S  Y / X is the partial derivative of Y with respect to X, i.e. the overall sensitivity
coefficient.
The linear assumption was valid for all modelling parameters and was verified over the whole
range of variation:
X  log AX  variations yield linear Y  log [C M] variations;
- AX variations give negligible variations of the standard deviation σY of the log C / M 
distribution.
Then the sensitivity coefficient S is determined by varying log AX  through the AX model
parameter and by deriving a linear correlation between the varied log AX  values and

log C / M values. This procedure is illustrated in Fig 10 and Fig 11 below, for the cladding
oxidation and low-stress creep of a certain material type, respectively. Fig 10 shows the shift
of the benchmarking distribution (for the corrosion model of one of the Zr alloys modelled by
the code) from centred on zero (red line) for best-estimate prediction to over prediction
(green line) and under prediction (blue line), the two latter ones being characterized by onesided 95% percentile with 95% confidence limit. Fig 11 displays the linear variation of the
sensitivity analysis for the creep model of one of the Zr alloys modelled by the code.
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Fig 10: Application to cladding oxidation

Fig 11: Application to low stress creep

A similar procedure is applied for the case of two independent input parameters, X and X’,
and the variability range of the second parameter is known, as is the case for fuel rod power.

5. Conclusion
GALILEO is the advanced global AREVA fuel rod design code, developed by a team from all
AREVA regions, namely France, Germany and US. It is supported by a unique database in
terms of burnup range and design diversity which gives GALILEO a uniquely large and up to
date domain of application in terms of rod characteristics and operating conditions.
Moreover, the extensive database reinforces statistical approaches. For all the advanced
models described, the predictive capabilities of the GALILEO code have been demonstrated
on this database and the efficient realistic methodology described benefits from the accuracy
of GALILEO best-estimate predictions.
Thus, GALILEO together with its associated methodology is designed to meet AREVA’s
customer needs in providing maximum performance margin for demanding operating
conditions. With the submittal of Topical Report for GALILEO to the U.S. NRC in 2012,
GALILEO is on its way to be industrially used to predict fuel performance behaviour in a wide
range of irradiation conditions, for UO2, Gadolinium and MOX fuels at high burnup or power,
for both PWR and BWR reactors.
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ABSTRACT
The START-3 code modeling and validation results in the framework of FUMEX-III project
are presented in this paper. START-3 has shown satisfactory performance in the calculation
of ramps up to 50 kW/m and high burnup fuel rods. In one of the cases the rod was
subjected to irradiation up to the average burnup of ~82 MWd/kgU in the moderate
conditions with the peak linear heat rate no more than 25 kW/m. The fission gas release was
about 9% (with ~3% uncertainty). START-3 calculations of FGR were conservative for this
case. The influence of the gas bubble mobility, and RIM-structure capability to retain fission
gas products was explored. START-3 used a conservative model of fission gas release
from the high burnup structure. This conservatism was adjusted and the improved version of
the START-3 code has shown satisfactory results during recalculations of the high burnup
case, and several other cases from FUMEX-III and FUMEX-II (including high burnup cases
and ramps). At the current state START-3 can adequately predict PWR fuel rods behavior
during ramps up to ~50 kW/m and burnups up to ~82MWd/kgU.
1. Introduction
In this paper the results of the START-3 code validation made in the course of the FUMEX-III
project held by IAEA are presented. SUPER-RAMP PK2 cases with power ramps up to 50
KW/m and Areva idealized case with the burnup up to 82 KW/m were considered.
The calculations were performed in two stages. During the first one, the conservatism of the
START-3 prediction of FGR at high burnups and low LHRs was found out. The analysis of
the calculation results and gas retention modeling allowed to remove this conservatism.
Second stage of calculations included the recalculation of SUPER-RAMP and Areva highburnup cases and additional cases from FUMEX-II. The obtained results are in reasonable
coincidence with experiment.
2. Description and modeling
2.1 First stage of calculation
SUPER-RAMP and Areva high burnup cases were calculated with the standard
version1 of the START-3 code that was used for calculation of FUMEX-II [1] cases.
The irradiation history and the calculation results for these two cases are given in the
Fig.1. The preconditioning in SUPER-RAPMP was 24 hours at 25 kW/m, the ramp rate was
8.5-9.5 kW/m, the hold time was 12 h (except 1 min for PK2-4).
SUPER-RAMP calculations are in a reasonable agreement with the experiment. FGR
for Areva HB case is conservative (17% calculated vs (9±3)%, though it should be noted that
9±3% FGR is not a measured value, but AREVA’s prediction).

1

The following properties of the Zry-4 cladding were added to the START-3 properties libraries in the
framework of FUMEX-III project: а) irradiation growth model b) oxide layer growth model, both from [10]

a) Linear heat rate for all 5 rodlets
SUPER-RAMP PK2 case

b) FGR results for SUPER-RAMP PK2 case

c) Linear heat rate for all 14 d) Preliminary FGR result for AREVA High Burnup
sections in AREVA High Burnup case.
case
Fig.1 Irradiation histories and results for SUPER-RAMP and Areva HB case
3. Gas retention modeling
The overprediction of the AREVA HB (referred to as AREVA HB case in the following
text) case, and some new experimental data show that the START-3 evaluation of FGR from
the HBS structures is somewhat conservative.
For example, the article [2] show no extra increase in the Xe/Kr ratio with the burnup
(see Fig. 2a) (in fact, the data seem to demonstrate the quite the opposite effect), which
indicates that the FPs in the RIM-zone remain trapped, despite even somewhat high
temperature during the last cycle of the irradiation, which is not typical for the high burnup
fuel rods. It seems that Xe and Kr in HBS are stored in the form of the small bubbles,
invisible for EPMA (that was the basis of the START-3 HBS model calibration), and can not
be extracted from there that easily by the mechanisms that are at play in the moderate
irradiation conditions. For example, the report [3] demonstrate PIE results of high-burnup
UO2 with high density of submicron bubbles that when heated cause the cracking of the fuel
(see Fig.2b). So, despite the data on the actual behavior of FPs in the high burnup regions is
still is an open question, the above mentioned reasons make us to look for the careful
reevaluation of the parameters of the START-3 HBS model.
3.1 Diffusion coefficients
The first place to look was the diffusion parameters in UO2.

We considered the directed motion of the gas bubbles, implemented in START-3. The
bubble mobility in UO2 is given by the expression [4]:
D( v )b (r )  (3/ 4 ) Dv  / r 3
here r is a bubble radius,  is an U atomic volume, Dv – is a self-diffusion coefficient of UO2:
Dv  0.3exp( Em / kT )
Em  4.6  0.1
As one can see from the fig. 3а, slight variations of the preexponential factor and
activation energy Em leads to the significant change of the calculated FGR. Taking into
account possible dependence of self-diffusion coefficient on the local burnup [5], this
sensitivity of the result to self-diffusion coefficient is not very pleasant. So one of the possible
causes of over-prediction of FGR for AREVA HB is an overestimation of the intragranular
bubble mobility at high burnups.

а) Xe/Kr dependence from average b) PIE of high-burnup UO2 with high density of
burnup [2]
submicron bubbles that when heated (800oС)
cause the cracking of the fuel [3]
Fig. 2 HBS details
3.2 Single atom volume in the gas cluster
Another possible cause of overprediction for AREVA HB case is an underestimation
of HBS ability to hold FGP. In the START-3 model, this ability is proportional to the
probability for gas atoms to get into the closed pore. This probability increases with the pore
size. The size of the small pores is proportional to the single gas atom volume which is
thought to be a constant in the present version of START-3. But the recent researches have
shown that it can vary in relatively broad range at least of 30-85 Å3 [6,7]. Several calculations
with different values of this parameter were performed. Fig. 3b shows the impact of different
constant values of Vg. As expected, fission gas is lower for higher values of Vg, and it gives
the option to model the increased ability of the HBS to store gaseous fission products in the
small pores.

а) Slight variations of the preexponential b) Impact of different constant values of Vg.
factor and activation energy Em leads to the
significant change of the calculated FGR.
Fig. 3 Gas retention modelling.

4. Second stage – recalculated cases
4.1 FUMEX-III
We have implemented linear local burnup dependence into our code to keep the
lower Vg (30 Å3) for low burnup (<50 MWd/kgU) and high for high burnup (85 Å3). This act
can be justified by the degradation of the elastic properties of fuel pellet with burnup [8], but
further investigations are needed. Still, the calculation results coincide with the experimental
data much better for all considered cases. The recalculated results are given bellow.
Fig.1 shows the FGR calculations for AREVA HB and SUPER-RAMP cases with
improved START-3 version. New results are situated closer to the experimental points than
the results of the standard version, but the prediction still is a little bit conservative.
Fig.4 shows diameter values after base irradiation and after ramp test. According to
STSR-32 report, the measured elongation for PK2-1 during the ramp equals approximately
400 mkm. Corrected version of START-3 predicts of 429 mkm. The residual elongation for
PK2-1 according to STSR-32 is 250 mkm and the corrected version of START-3 predicts is
324 mkm.

Figure 4a - Calculated diameters change after ramp, mkm

Figure 4b – Comparison of the diameter change calculation for PK2-3 with profilometry from
[11]
Fig. 4 – Diameter change calculation.
4.2 FUMEX-II
To verify the changes made into the code, the corrected version of the code was used
to recalculate the FUMEX-II simplified cases 27.2.
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Figure 5a. – FUMEX II simplified case 27.2d. Figure 5b. – START-3 calculations of FUMEX II
Power history for 5 cycles.
simplified case 27.2d.
Fig. 5 – FUMEX II calculation results.
Fig.5 presents the calculation results of Simplified cases 27(2d) and the LHR for this
case [9]. As one can see from the presented data, improved version of START-3 calculation
is in reasonable agreement with experimental data.
5. Summary and conclusion
SUPER-RAMP PK2 cases with power ramps up to 50 kW/m and Areva High Burnup case
with the burnup upto 82 kW/m were considered in the course of the FUMEX-III program held
by IAEA. The analysis of the calculation results and gas retention modeling allowed removing
of the code’s FGR prediction conservatism at low linear heat rates and high burnups. The
improved version of the code adequately predicts the fission gas release and dimensional
changes of the fuel rods for all considered cases from FUMEX-II and FUMEX-III.
We would like to thank the participants of the FUMEX-III for sharing their opinions and
results, IAEA for organizing FUMEX-III, and especially we would like to thank Dr. John
Killeen for his assistance and patience.
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ABSTRACT
ROVIN (ROd Vibration and INstability analysis) code has been developed to
analyze fuel rod natural frequencies and mode shapes using finite element
method (FEM) and to estimate fluid elastic instability (FEI) factors and turbulence
induced vibration amplitude of fuel rod due to the reactor coolant flow.
ROVIN code can analyze fuel rod natural frequencies and mode shapes for both
global fuel rod and local fuel rod spans and to evaluate the FEI factors and
turbulence induced vibration amplitude of the fuel rods for the PWR fuel
assemblies. For the evaluation, three kinds of fuel rod finite element analysis
model have been suggested to represent whole fuel rod configuration changes
due to the fuel cladding creep down, the fuel pellet swelling and spacer grid
spring irradiation relaxation behavior. Using these models, modal analysis has
been performed to get their natural frequencies and mode shapes. And then, FEI
factors and turbulence induced vibration amplitude of the fuel rod have been
evaluated based on the suggested fuel rod models.

1. Introduction
In general, the external excitation sources of the fuel assembly and fuel rod are recognized as
vortex shedding, reactor coolant pump blade passing and core barrel lateral vibrations under inreactor operating condition. If the excitation frequencies match with the natural frequencies of
the fuel rod, the fuel rod would be severely damaged due to the resonance. The evaluation on
the natural frequency of the fuel rod, therefore, has to be performed to prevent the resonance.
Furthermore, the movements of the tube bundle like fuel rods make change the hydraulic forces
acting on the tube surfaces. In case that external excitation energy by hydraulic force is larger
than dissipating energy by damping force, suddenly the tubes become dynamically unstable and
produce big amplitude. Once the instability occurs during the operation, it causes fatal fuel
failure within very short time [1]. Therefore, the estimation for the effects of the reactor coolant
on the fuel rod vibration has to be performed in order to ensure the integrity of the fuel rod
against the coolant velocity and the cross flow passing through fuel assembly. Besides, the
fretting wear failure of the fuel rod is related to the amplitude of vibration. The amplitude under
flow induced vibration (FIV) condition is generally caused by vortex shedding and turbulence. It
is generally known that the vibration amplitudes of the fuel rod are mainly due to turbulence. All
of these characteristics depend on the vibrational behavior of fuel rod.
By the way, the in-reactor operation conditions such as irradiation, high temperature and high
pressure of the coolant cause significant change of the cross sectional configuration of fuel rod

as well as the fuel rod supporting behavior of the spacer grids. It means that the vibration
behavior of fuel rod suffers a significant change due to the operation conditions.
ROVIN code has been developed to analyze fuel rod natural frequencies and mode shapes
using FEM and to estimate FEI factors and turbulence FIV amplitude of fuel rod considering inreactor operation conditions. ROVIN code can analyze fuel rod natural frequencies and mode
shapes for both global and local fuel rod spans and to evaluate the FEI factors and turbulence
FIV amplitude of the fuel rods for the PWR fuel assemblies. For the evaluation, three kinds of
fuel rod finite element analysis models have been suggested to represent whole fuel rod
configuration changes due to the fuel cladding creep down, the fuel pellet swelling and the
irradiation relaxation behavior of spacer grid spring.
For the verification of the ROVIN, modal analysis results obtained from the ROVIN have been
compared with those of the ANSYS, and the FEI and amplitude results are compared with
conventional design results.

2. Governing Equations
2.1 Finite element analysis
Since the motion of the fuel rod is restrained by supports of several discontinuous spacer grids,
it is hard to obtain its exact eigenvalues using analytical method. A reasonable approach to
analyze eigenvalues of the fuel rod system, therefore, is to use finite element method.
The governing equation for the lateral motion of the fuel rod under the consistent contact
condition with spacer grid spring is
r

EIu,xxxx   k iu  x  x i   A u  0

(1)

i 1

, where partial differentiation with respect to x as (),xxxx, EI is flexural stiffness, u is lateral
displacement, k is spring/dimple stiffness, r represents total number of spring/dimples,  is Dirac
delta function, ρ is fuel rod density and A is the cross sectional area of fuel rod.
And applying the boundary conditions of the fuel rod after multiplying Eq. (1) by a weighting
function w and then integrating over the fuel rod length, one obtains the equation as follows:
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Approximate solution of the Eq.(2), therefore, can be obtained by using 3rd order polynomial.
Considering u as the function having same space with w, a linear algebraic expression can be
obtained as shown in Eq.(3).
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The right term of the Eq.(2) has been deleted because of satisfying the free boundary condition
of fuel rod both ends. In Eq.(3),  represents the assemble of each element and e represents
integration length for an element, bi is the vector having 1 for the ith element only and 0 for the
others and [N] is the shape function in local coordinate defined between -1 and 1. Eq.(3) can be
rewritten simply as the form of linear algebraic expression of Eq.(4).
(4)
M  d  K d   0
The eigenvalue problem for the fuel rod, therefore, can be defined using the Eq.(4) of mass and
stiffness of the fuel rod as follows:
K   M 
(5)
where, K  , M  represent stiffness and mass matrix of the fuel rod, respectively.  represents
the eigenvalue composing of diagonal matrix. And   is the vector showing mode shapes for
each natural frequency. The natural frequency can be obtained using the determinant of the
Eq.(5).
The fuel rod is supported by several intermediate spacer grids which are arranged with some
interval, but both ends of the fuel rod are free from constraints. And the free length is very short



compared with intermediate span length. Since the boundary condition of the fuel rod can be
defined by spacer grids stiffness, the stiffness matrix K  of Eq.(4) should be incorporated with
the change of the spacer grid stiffness. In ideal expression considering burnup change and the
interaction between pellet and cladding tube associated with time, Eq.(4) can be rewritten in
terms of time function as follows:
(6)
M t  d  K t d  0
Since it is very difficult to solve the system with all of the conditions described above, the
analysis needs to be performed considering some conservative conditions. For the beginningof-life (BOL) condition, all of the spacer grid springs are assumed to support fuel rods tightly, the
second term of the Eq.(3), k i can be assigned the measured values and there exists a gap
between pellet and cladding of the fuel rod. For the middle-of-life (MOL) condition, all of the mid
grid spring/dimples are assumed not to support fuel rod properly, since the elastic property of
the spacer grid spring/dimples is relaxed with progressing burnup and the cladding tube creeps
down to contact with pellet and then at the end-of-life (EOL), the gap between fuel pellet and
cladding is closed completely due to the pellet swelling.
In general, when a circular cylinder is submerged in still water, the mass of the cylinder is
increased by entrained mass of fluid, which is approximately equal to the mass of fluid displaced
by the cylinder [2]. If we define the added mass as M  , it can be expressed as follows:



M add   
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e

where,  w is the fluid density. The natural frequency of the fuel rod submerged in water can be
expected using the mass matrix and the added mass matrix. The basic configuration of the fuel
rod model can be expressed as shown in Fig.1.
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Fig. 1. Schematic configuration of fuel rod model with discretely spaced spacer grids

2.2 FEI analysis
The excitation force causing unstable motion of the fuel rod mainly comes from cross flow
component rather than axial flow component [3]. The onset of instability is governed by the
following dimensionless parameters: the mass ratio of the fluid and structure, reduced velocity,
damping ratio measured in the fluid, pitch to diameter ratio, array geometry, and Reynolds No.
ASME code states that for most cases, the flow is fully turbulent (VD/ν >2000) and the Reynolds
number is not expect to play major role in the instability. Since the reactor coolant is considered
as fully turbulent flow having 450,000~500,000 of the Reynolds No., therefore, it was assumed
that Reynolds No. does not affect significantly on the fuel rod instability [3].
ROVIN code uses the criteria recommended by ASME code which is considered to give a
conservative criterion for avoiding FEI. ASME code suggests following correlation to determine
the onset of FEI: [3]
Vc
2 n mt
C
(8)
fn D
D 2
where, C = 2.4 for square array type.
For the Eq.(8), if the flow is non-uniform over the fuel rod length, an equivalent uniform cross
flow velocity can be defined as the modal weighted velocity :

 V x  n x  dx
 0 L
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0 n x  dx
L

Ve2

2

2

(9)

, where V x  is the cross flow velocity at axial location of the fuel rod, n represents the nth
vibration mode shape of the fuel rod.

2.3 FIV Amplitude analysis
The amplitude under flow induced vibration condition is generally caused by vortex shedding
and turbulence. It is generally known that the vibration amplitudes of the fuel rod are mainly due
to turbulence. The maximum amplitude of fuel rod vibration caused by turbulence can be
estimated using the improved empirical correlation suggested by Paidoussis as shown in
Eq.(10) [3].
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3. Verification
Fig. 2 and Fig. 3 show the natural frequencies and the mode shapes of a PWR fuel rod obtained
from both the ROVIN code and ANSYS code at the BOL hot water condition, respectively. As
shown in this figure, the natural frequencies obtained by ROVIN code show identical with those
of ANSYS code. For the individual local span vibrations of the fuel rod, ROVIN code gave a
correct natural frequency values, even though not shown in this paper due to the page limitation.
Fig. 4 shows the FEI factor of the fuel rod at the BOL and EOL conditions. The results show
quite a good agreement with conventional code results.

Fig.2. Natural Frequency of a FR at BOL Hot Water Condition
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Fig. 3. Mode shapes of the FR at BOL Hot Water Condition

Fig. 4. FEI Factor of the FR at BOL Hot Water Condition

4. Conclusion
In this paper, ROVIN code has been developed to analyze fuel rod natural frequencies and
mode shapes using FEM and to estimate FEI factors as well as turbulence induced vibration
amplitude of fuel rod considering in-reactor operation conditions. The ROVIN code has been
verified and validated by comparison with the conventional design values and independent
analysis results using ANSYS. The code gives reasonable results and can be used to analyze
vibrational behavior of fuel rod in reactor operation condition.
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Abstract:
This paper presents CFD simulation method to study the air/water two-phase distribution in
rod bundles with AFA2G 3×3 spacer grid, a validation of the method is also provided.
The experiment data that includes the distributions of the local void fraction at 30mm and
140mm downstream area of the spacer grid are simulated. The simulation bases on CFD code
CFX, and simplified spacer grid geometry is adopted, which includes ribbon and mixing
vanes only, without the dimple and the spring. Three different models are used to describe a
poly-dispersed air-water flow the bubble size distribution: 1) uniform bubble diameter. 2)
Homogeneous MUSIG model. 3) Inhomogeneous MUSIG model. Homogeneous MUSIG
model is choosing. The influences of inlet water flow rate, air flow rate and volume fraction
are studied. For inlet air-water flow quality and void fraction impact bubble max diameter, a
correlation of max bubble diameter which is dealt with numerical simulation for rod bundles
with spacer grid is set. The void fraction distribution shape and peak value of the simulation
are validated by experiments. This simulation method can be used to analyze initially two
phase flow, especially bubbly flow in complicated channels rationally.

1. INTRODUCTION
Single phase CFD is used in thermal hydraulic performance of fuel assembly analysis
and prediction widely. Developing a CFD methodology for modelling and predicting
single-phase flow conditions downstream of space grids, and using it for further research
about the heat transfer or turbulence characteristics can improve the fuel assembly design.
However, the key thermal performance parameter for Pressurized Water Reactors (PWR)
fuel is the critical heat flux (CHF), which is a two phase issue. Two-phase flow is much more
complex to measure, model, and understand than single-phase flow, especially in fuel
assemblies with mixing vanes on the structural grids. Therefore, when single phase CFD
methodology is developed, and can apply on single-phase flow conditions with confidence,
two-phase CFD methodology can be developed for application of two-phase conditions.
It is similar to develop two phase CFD methodology as single phase CFD methodology
for fuel assembly application. First, the task is to model non-rod bundle geometry benchmark
cases of two phase conditions. Then, rod bundle cases can be modelled and run. The CFD
codes prediction should be validated and estimated with small-scale experiments. After the
two-phase CFD methodology is established, it can be used in two phase distribution or heat
transfer characteristics prediction of downstream space grids.
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This paper presents CFD methodology and validation for the steady-state air/water
two-phase distribution in rod bundles with AFA2G 3×3 spacer grid. This work is part of the
program that is developing a CFD methodology for modelling and predicting two-phase flow
condition with phase change of the rods downstream of the grid.

2. EXPERIMENT DATA
WANG Xiaojun’s [1] air-water experiment data of spacer grid is used to validate
the CFD methodology. The test section is rod bundles with AFA2G 3×3 spacer grids, which
include ribbon, mixing vanes, dimple and spring（Fig 1）. The structural grids height is 33mm,
the rod diameter is 9.5mm, and the neighbouring rod distance is 12.6mm. The experiment is
in normal temperature, the highest pressure is 0.8MPa, water volumetric flow rate is 1m3/h

~35m3/h, air volumetric flow rate is 0.025m3/h~15m3/h, and the inlet bubble diameter
is 0.6mm. The test section inlet temperature measure accuracy is ±0.2℃. The water
quality flow rate measure accuracy is ±1.5%, while air is ±3.34%. The pressure
measure accuracy is ±2.04%; the void fraction was measured by RBI optical probe
with an accuracy of 0~-15%. The experiment data includes the distributions of the local
void fraction at 30mm and 140mm downstream of the spacer grid. CFD methodology
Validation is analysed by 6 sets of experiment conditions, which are the all public published
experiment conditions（Table 1）.
Table 1 Wang’s experiment conditions
Volumetric
quality

Flow regime

3040

0.033

Bubbly

0.18

3026

0.055

Bubbly

3

0.41

3034

0.119

Bubbly

4

0.17

4755

0.0344

Bubbly

5

0.06

1705

0.032

Bubbly

6

0.17

1690

0.091

Slug

Set

Qair

Qwater

m3/h

kg/h

1

0.11

2

2

Fig.1 Test section spacer grid and radial
measure location

Fig.2 Simulation spacer grid with geometry
simplified

3. MODEL DESCRIPTION
The detailed CFD modelling methodology was developed using the ANSYS CFX code.
The numerical method is based on finite volume discretization on collocated grid arrangement.
A multidimensional two-fluid Euler an approach is used for mathematical description of
isothermal air-water flow. The governing equations are the two-fluid model. [2] The liquid
phase is described as continuous while the vapour bubbles are described as a dispersed phase.
Buoyancy is considered. Modelling of momentum transfer includes drag force, lift force,
turbulent dispersion force and wall lubrication force. The drag force between bubbles and the
liquid are calculated according to Ishii Zuber, the cofficient is 0.1. The lift force considers the
interaction of the bubble with the shear field of the liquid and was first introduced by Zun
(1980)[3], the coefficient of the lift force according to Tomiyama[4]. The turbulent dispersion
force is the result of the turbulent fluctuations of liquid velocity, base on Favre averaged drag
model[5]. The wall lubrication force expresses the vertical upward gas liquid flow a pushing
away of the gas bubbles from the wall, according to Antal[6], with coefficient Cw1=-0.01,
Cw2=0.05. The liquid phase turbulence is calculated by the SST model, bubble induced
turbulence with the coefficient value 0.6 as recommended by Sato[7].
The bubble size is a very important modelling parameter. Because the experiment is
without bubble size measure, so three different models are used to describe a poly-dispersed
air-water flow the bubble size distribution:
1) Uniform bubble diameter, without consideration of bubble break-up and coalescence
processes.
2) Homogeneous MUSIG model. Bubble break-up and coalescence processes are taken
into account; disperse phase is divided into a number N so called velocity groups in
3

dependence on the bubble diameter, where all the velocity groups is characterized by a same
velocity field.
3) Inhomogeneous MUSIG model. Bubble break-up and coalescence processes are taken
into account; disperse phase is divided into a number N so called velocity groups in
dependence on the bubble diameter, where each of the velocity groups is characterized by its
own velocity field.
The break-up model of Luo and Svendsen (1996)[8] and the coalescence model of Prince
and Blanch (1990)[9] are applied in MUSIG model. 10 groups of MUSIG model is set by

this paper.[10]
Inlet used fluid velocity. While outlet used average static pressure.
4. CFD ANALYSES
The simulation is one span length of a 3×3 nuclear fuel rod bundle, simplified spacer
grid geometry (Fig 2) which includes ribbon and mixing vanes only, without modelling the
dimple and the spring is adopted in simulation, as the experiment measure data is at 30mm
and far away downstream of the spacer grid, the bubble distribution is influenced by dimple
and the spring weekly.
Mesh is created using the code ICEM CFD. Fig. 3 shows a representative detail of the
mesh in region of the spacer surrounding fuel rods. Unstructured tetrahedral meshes are
adopted in the spacer region. For the geometry structure with spacer region and rod bundles
region is different complex, elongated meshes are used. It eliminates skew issues and avoids
the GGI consistency. 3 layers prism meshes are used for capturing boundary layer physics of
rod bundles.

Fig. 3 meshes in the spacer region

Fig. 4 Mesh section showing the axial
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stretching away from the spacer region
In the present work the absolute sizing of the computational cells has been derived from
previous mesh convergence studies on a single phase condition 5×5 rod bundles with spacer
grids configuration. The total size of the mesh is about 4 Million cells. Residuals, monitoring
points, and unbalanced degree are used to estimate the convergence. The RMS<2.5×10-4.

5. SIMULATION RESEARCH
To develop the CFD methodology, the highest volumetric quality experiment set 3 is
presented as an example to compare the uniform bubble diameter, homogeneous MUSIG
model and Inhomogeneous MUSIG model simulation results.

5.1 Uniform bubble diameter
The simulations results of uniform bubble diameter model setting with different bubble
diameter are showed. For the gap of grid and rod is 1.5mm, the bubble diameters of 0.2mm,
1mm, 1.5mm are set for calculation.
The experiment and calculation of local void fraction distribution downstream of 3×3
flue assemble space grid are showed. (Fig.5, Fig.6)
The simulation with uniform bubble diameter model shows that the simulation with
0.2mm bubble diameter setting simulate the void fraction distribution too flat and unable to
reflect the actual. 1mm bubble diameter setting can simulate well at 30mm downstream area
of the spacer grid, while 1.5mm bubble diameter setting can simulate better at 140mm of
downstream area of spacer grid. It reveals that the smaller bubbles dominates the void fraction
distribution at the near-downstream region of the spacer grid, while the larger diameter
bubbles dominates the void fraction distribution at far-downstream region of the space grid.
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Fig. 5 Comparison between Calculated and
Measured Void Fraction Profiles at 30 mm

Fig. 6 Comparison Between Calculated and
Measured Void Fraction Profiles at 140 mm
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Downstream of Spacer Grid

Downstream of Spacer Grid

5.2 Homogeneous MUSIG model
As the section 5.1 shown, for the bubble through the spacer grid with break-up and
coalescence processes, void fraction distribution is influenced by bubble diameter changes.
The uniform bubble diameter model lacks of diameter changes, can not simulate the actual
void fraction distribution at different height downstream of spacer grid.
In Homogeneous MUSIG model, bubble break-up and coalescence processes are taken
into account, the max bubble diameter setting is important in bubble diameter range. As the
bubble diameter measure is not provided in the experiment, a max bubble diameter setting
correlation which considers the space grid characteristics is suggested. The correlation
considers geometry condition, pressure, inlet air-water flow quality and void fraction impact.

db  min(

0.4
, L)
(l  v )

（1）

0.4 /( l   v ) is the critical bubble diameter in bubbly flow, assume bubbles

are spheres, turbulent dispersion force overcome the surface tension of the air-water
interface mechanism is taken account, the detail is in this paper.[11] L is the minimal gap of

rod and grid. Based on Taitel[12] air-water flow regime correlation, the correlation is
suit for bubbly flow at this range：
J l  9 J v  1.377 (

g ( l   v ) 1/ 4
)
2
J v l

（2）

With this correlation, max bubble diameter is set 1.5mm in this experiment. The
bubble diameter range in MUSIG model is set 0.1mm~1.5mm. The inlet bubble
diameter is set 0.6mm, the same as experiment. The calculations with bubble diameter
ranges of 0.1mm~1mm and 0.1mm~2mm are taken to compare. The simulation and
experiment void fraction distribution at different height downstream of spacer grid are
shown.(Fig. 5, Fig. 6). The homogeneous MUSIG model will cost about 3 times more time
than the uniform bubble diameter model.
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Fig. 6 Comparison Between Calculated and
Measured Void Fraction Profiles at 140 mm
Downstream of Spacer Grid

The calculation shows the bubble diameter range at 0.1mm~1.5mm simulates the void
fraction distribution shape and peak value reasonable, it confirms that the proposed max
diameter correlation of the bubble diameter range is reasonable. Compared with uniform
bubble diameter model, Homogeneous MUSIG model can simulate the experiment data at
30mm downstream of spacer grid well; meanwhile reflect the experiment data distribution
trend at 140mm downstream of spacer grid. Three calculations also show the importance of
the bubble diameter setting of homogeneous MUSIG model. The larger max bubble diameter
is set, the higher void fraction peak and the greater void fraction distribution curve up and
down are got.

5.3 Inhomogeneous MUSIG model
The disperse phase velocity groups are dealt different in the inhomogeneous MUSIG
model and homogeneous MUSIG model. When the void fraction rises, the impact of bubble is
larger, and the difference between the two model simulations will increase. Because the
structure of rod bundles with spacer grid is complex, it may have a considerable impact of
flow field, so it is necessary to compare the two MUSIG models.
In the high void fraction conditions (Set 3), the homogeneous MUSIG model simulates
void fraction peak higher and bubble diameter larger at 30mm downstream of spacer grid than
inhomogeneous MUSIG model; but the two models simulations have little difference at
140mm downstream. In the low void fraction conditions (Set 4), the two models simulation
nearly the same(Fig 7-9).
In Wang’s experimental conditions, the maximum void fraction(Set 3) is less than 20%,
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the difference of the two models simulations is small. While the Inhomogeneous MUSIG
model will cost 4 to 5 times more time than the homogeneous MUSIG model, the
homogeneous MUSIG model is taken in this research.
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Fig.7 Void fraction distribution simulations at 30mm and 140mm downstream of spacer grid
with the homogeneous MUSIG model and the Inhomogeneous MUSIG model
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Fig.8 Bubble diameter distribution simulations at 30mm and 140mm downstream of spacer
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Set 3 simulations at 30mm and 140mm downstream of spacer grid with the
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5.4 Inlet void fraction
The experiment measurement inlet conditions are air volumetric flow rate, water quality
flow rate and volumetric quality, while the calculation inlet conditions need inlet air velocity,
inlet water velocity and inlet void fraction, it is necessary to change volumetric quality to void
fraction, then use it to calculate the air velocity and water velocity. So, the void fraction is an
important parameter. There is no public accepted mechanism model for void fraction
calculation in rod bundles with spacer grid. This paper provides 9 expressions to calculate,
takes experiment case 3 for example (Table 2). The calculated void fraction can sort to 3
levels: about 0.047, about 0.099, about 0.265 and 0.119. 0.119 which assumes the gas and
liquid with no slippage.
The inlet void fraction’s change impact the void fraction distribution and bubble
diameter distribution unobvious, and more faraway from the downstream the impact is more
unobvious (Fig. 10-11). It is reasonable to use the assumption that the gas and liquid with no
slippage.
Table. 2 Inlet void fraction calculated by different expressions
Volumetric quality

0.119

Calculation expression

Void fraction

Dix [11]

0.265

Осмачкин [12]

0.109

Арманд [13]

0.099

Armand-Treschev [14]

0.099

Taitel [15]

0.097

Bankoff [16]

0.085

Миропольский [17]

0.066

岐美格 bundle [18,19]

0.047

Миропольский bundle [17]

0.038
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Fig 10 Void fraction simulations at 30mm
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Void fraction simulations at 140mm
downstream of spacer grid

6. MODEL AND RESULT
Sets of experiments are simulated with homogeneous MUSIG model, the max
bubble diameter setting correlation is used, with the assumption that the gas and liquid
with no slippage.
The Calculated and Measured Void Fraction distribution near downstream of spacer grid
matches well, and it is not only suitable for bubbly flow, also for slug flow.(Fig. 12~13) while
at faraway downstream of spacer grid, when the void fraction distribution is lower than 10%,
the simulated and measured results are quite approach; when the void fraction distribution is
higher than 10%, the simulation is lower than the measurement, but still can reflect the void
fraction distribution trend. (Fig. 14~15) Overall, the air-water rod bundles with spacer grid
simulation and experiment are in agreement, so the simulation method is reasonable.
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7. CONCLUSION
The smaller bubbles dominate the void fraction distribution at the near-downstream
region of the spacer grid, while the larger diameter bubbles dominates the void fraction
distribution at far-downstream region of the space grid.
Downstream local flow parameters distribution of 3×3 flue assemble space grid is
simulated with MUSIG model. A bubble diameter setting correlation which considers the
space grid characteristics is suggested. The differences and applicability of homogeneous
MUSIG Model and in homogeneous MUSIG model for the fuel assembly space grid
simulation have been discussed. when the maximum void fraction is less than 20%, The
homogeneous MUSIG model is proposed, for it can describe two-phase flow characteristics
efficiently and accurately. Based on the analysis the inlet void fraction setting, it is

reasonable to assume gas and liquid with no splippage.
5 of the 6 sets of experiments are simulated well. The only one which not simulated well
is slug flow. This simulation method can be used to analyze initially two phase flow,
especially bubbly flow in complicated channels rationally.
Because of the lack of near-wall experiment data, whether the simulation near the wall is
reasonable is not confirmed; it may be researched in future.
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NUMERICAL STUDY ON THERMAL HYDRAULIC
PERFORMANCE OF MIXING VANES IN NUCLEAR ROD
BUNDLES
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ABSTRACT
Mixing vanes as a typical structure of a spacer grid play a crucial role on fuel
assembly thermal hydraulic performance in advanced nuclear fuel design, e.g.
improvement on the critical heat flux (CHF), relatively lower pressure loss, and free of
rod-spacer fretting wear. In present study, a typical grid spacer design comprising
springs and dimples with various mixing vane design features, different shape and
size, is adopted to investigate the mixing vanes thermal hydraulic performance by
using a commercially available computational fluid dynamics (CFD) code, ANSYS
CFX. A 5×5 rod bundle with the same power arrangement as a typical CHF test is
employed to build the geometric models for calculation. Seven mixing vane are
designed with various aspect ratio and bending angles. Influences of the vane design
features on the resulted pressure loss, lateral flow, and heat transfer coefficient are
calculated and systematically analyzed in details.
Key words: mixing vane, grid spacer, CFD, thermal hydraulic performance

1. Introduction
A spacer grid is one of the main components of a fuel assembly used in light water cooled
reactor. Spacer grids hold fuel rod bundles in position and maintain appropriate rod-to-rod
clearance. Beside to the mechanical function, spacer grids, especially the mixing vanes
attached to the strap downstream edge, play a very important role on increasing mass
transfer between subchannels, enhancing critical heat flux, and subsequently preventing the
occurrence of departure from nuclear boiling (DNB). On the other hand, mixing vanes will
result in additional pressure loss due to local viscous damping, which should be minimized. In
addition to the thermal hydraulic performance, mixing vanes must be designed to avoid
unacceptable fluid induced vibration in order to prevent fuel rod from fretting wear. All the
concerns mentioned above are firmly related to the resulted flow field which is significantly
affected by mixing vanes geometric characteristics, the arrangement, shape and size.
CFD method can provide a quick, economic, and easy way to see the detailed flow and
heat transfer resulted from mixing vanes at higher Reynolds number, which is not so easy to
be realized by experimental methods [1-5]. Numerical studies on the influence of mixing vane
twisted angle on resulted cross flow, swirling, turbulence intensity, and heat transfer rate in a
subchannel have been reported [6, 7]. Influence of different mixing vane shapes on the heat
transfer enhancement, pressure drop, and turbulence kinetic energy in a 3×3 rod bundle has
also been reported [8]. However, most of the work reported does not consider the influence of
springs and dimples, and the study of split mixing vane with undercut seems not adequately

studied. In present study, we focus on the thermal hydraulic performance of slip mixing vanes
with undercuts. A 5×5 rod bundle with pacer grids with springs and dimples is used to do so.
Influence of vanes bending angle and aspect ratio on lateral flow field, grid pressure loss,
cross flow, and wall heat transfer coefficient are systematically studied at constant vane block
ratio. In order to compare the computational results, a bare 5×5 rod bundle and a spacer grid
without mixing vanes are computed, respectively. A commercial CFD code, Ansys CFX 12.1,
is used for the calculating.

2. CFD modeling
2.1 Vanes description
In present study, seven vanes with the same block ratio, β=0.117, block area of a pair of
mixing vanes to cell free flow area, were designed to investigate the influences of aspect ratio,
α, and bending angle, θ, on the thermal hydraulic performance, respectively. The vane aspect
ratio is defined as α=L/W, where L is the vane length from bending line to the tip, and W is the
width of the bend line. The bending angle θ is the angle between the vane plane and the
vertical axis.
The seven vanes can be clarified as two groups. In the first group, all the three vanes have
the same bending angle equal to 32º, but the aspect ratio increases from 1.89 to 2.44 as
shown in Fig. 1(a), whereas in the second group, both aspect ratio and bending angle are
different from case to case. In the second group, the bending angle increases from 28º to 34º
while the aspect ratio decrease from 2.19 to 1.58 as shown in Fig. 1(b) accordingly, due to the
constraint of the same block ratio. In present study it is intended to investigate the vanes
influence on grids thermal hydraulic performance, so the influence of vanes block ratio must
be excluded i.e. the vanes block ratio must be kept constant for each vane design because it
is crucial to vanes performance [1].

α=1.89, θ=32º

α=2.11, θ=32º

(a)

α=2.45, θ=32º

θ=28º,α=2.20

θ=30º,α=1.94

θ=32º,α=1.74

θ=34º, α=1.58

(b)

Fig. 1 Different vane designs used for analysis

2.2 Computational strategy
The seven vane designs specified in section 2.1 are integrated into a 5×5 grid together with a
5×5 rod bundle for computing, respectively. The rod diameter is 9.5 mm, and the pitch is 12.6
mm. The rod length of grid upstream is 100 mm, and the downstream is 600 mm. The square
flow housing measures 66×66 mm2. The thickness of the grid is modeled.

Fig. 2 Configuration of 5×5 (a) bare bundle; (b) grid without vanes; (c) grids with vanes.
Fig. 2 shows the configuration of the geometric structures for computation. In Fig. 2(a), rods

are numbered 1 to 25 clockwise from the upper-left to the center. The central nine rods,
numbered 17 to 25, are named inner rods, and the other 16 rods left are called outer rods.
Four subchannels are formed by the inner rods, as Sub1 to Sub4 shown in Fig. 2(a), and each
subchannel is confined by four neighboring inner rod-quarters, green curves, and four
imaginary gap boundaries, the red lines. The numbering method and the definition of inner
rods, outer rods, and subchannels stated above in bare bundle, Fig. 2(a), are applicable to all
the other grids, no matter it has vanes or not.
For all the computations, the inlet temperature is constant and equal to 310.7 ºC, and the
inlet velocity profile is computed from the 5×5 bare rod bundle by using uniform inlet velocity
equal to 4.737 m/s. The corresponding Reynolds number is 4.37×105. The outlet condition is
kept at constant pressure equal to 0 Pa, relative to the reference pressure 15.5MPa. The flow
housing wall and the grid wall are set to adiabatic, nonslip wall boundary condition, and the
rod wall boundary condition is set to uniform heat flux and nonslip. To simulate the power
condition that commonly used in a CHF test, the power ratio of inner rods to outer rods is
1:0.85. In present study, the heat flux of inner rods and outer rods is 6.231×105 W/m2 and
5.296×105 W/m2, respectively. In present study, 25 million unstructured mesh elements are
adopted for meshing the fluid domain, and three wall layers are attached to rods wall.
Turbulence model used in this study is chosen as SST k-ω. The conservation equations of
mass, momentum, and energy, as well as the transport equations of k and ω can be referred
to CFX user’s manual [9]. Calculations are continued until the residuals of momentum are
stable and less than 10-4.

3. Results and discussion
3.1 Typical flow field
Development of typically lateral flow fields resulted from mixing vanes is studied at different
axial locations in a typical subchannel, Sub1 in Fig. 2(a), are shown in Fig. 3. It is found that
the lateral flow field around mixing vanes is very complex. Two pairs of vortices are always
formed along the four edges of the mixing vane pair up to Z=1Dh. The inner pair of vortices
has the same rotation direction with respect to the center locating on the inner edge, and
moving downstream gradually, whereas the outer pair has the same rotation direction but
different from the inner pairs with respect to a nearly fixed center locating above the vane
base edge. At the location Z=2Dh, both the two pairs of vortices are damped out and evolve
into swirling flows around neighboring rods facing the mixing vanes. In fact, the swirling flow
around rods here can be treated with lateral flow in the rod bundle because there is no real
swirling flow inside subchannels when Z>2Dh.

(a)
(b)
(c)
Fig. 3 Typical flow fields at different location (a) Z=0.1Dh; (b) Z=1.5Dh; (c) Z=2Dh

3.2 Pressure loss
Pressure loss indicated by pressure loss coefficient is one of the most concerned hydraulic
characteristics when designing spacer grids. When flow area at grids upstream and
downstream is identical, static pressure drop caused by friction and form loss is totally
unrecoverable, i.e. pressure loss is identical to pressure drop, and can be calculated from
fluid energy balance equation [10]. In present study, the pressure on Z=-4Dh and Z=4Dh is
area averaged and used to calculate the pressure loss coefficient for each grid. It is found,
Re=4.37×105, that for the grid without mixing vanes the pressure loss coefficient is 0.777, and
for the grids with mixing vanes it depends on vanes aspect ratio and bending angle. Fig. 5
shows the dependency of grid pressure loss on vanes aspect ratio when the bending angle is
kept at 32º. It is seen that the pressure loss coefficient, k, decrease nonlinearly from 0.946 to
0.928 as the aspect ratio, α, increases from 1.74 to 2.45. Taken the vane with the aspect ratio
α=1.74 as the basis, 40.8% increase of vane aspect ratio will cause 1.90% decrease of grid
pressure loss coefficient, and if taken the vane with α=2.45 as the basis, 29.0% decrease of
vane aspect ratio will cause 1.94% increase of grid pressure loss coefficient. As a very rough
estimation of linear distribution, 1% of aspect ratio increment will result in 0.0466% decrement,
or 1% of aspect ratio decrement will result in 0.0669% increment of pressure loss coefficient.
Fig. 5 shows the dependency of the grid pressure loss coefficient on the vane bending
angle. It is seen that the pressure loss coefficient almost linearly increase from 0.915 to 0.954
as the bending angle changes from 28º to 34º. It is noted that the pressure loss coefficient
change is resulted from both aspect ratio and bending angle changes. It can be estimated that
one degree bending angle increment, together with the corresponding aspect ratio decrease,
will result in about 0.7% increment of the pressure loss coefficient.
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3.3 Cross flow
Subchannel cross-flow intensity is evaluated by cross-flow flux normal to the subchannel gap
boundaries as the red lines shown in Fig. 2(a), and is defined as
Sub 4

Fcross =



∑ ∫ v dL
n

Sub1

(1)

4

where vn is the lateral velocity normal to the gap boundary, L. In present study, we focus on
the cross flow across the gaps between the central 9 rods.
Fig. 6 indicates the average cross-flow flux at different axial locations downstream the grids.
In Fig. 6 it clearly shows that for bare bundle the average cross-flow flux is nearly equal to

zero at any axial location and for the grid without mixing vanes the value is much less than
that of grids with mixing vanes. When fluid flow thought the grids, the average cross-flow flux
increases sharply and reaches the maximum at about 4Dh downstream from the grid
downstream edge, and then decreases rapidly. It is also found that the mixing vane with θ=34º
and α=1.58 has the best performance in terms of cross-flow flux, meaning intensive mass
exchange between subchannels. The cross-flow flux decreases as the aspect ratio increase
at constant bending angle, group 1, and decreases as the bending angle decreases, group 2.

3.4 Lateral flow
Lateral flow is induced by mixing vanes and can enhance lateral mass exchange significantly
and subsequently enhance grids CHF. To compare the lateral flow induced by the different
vane designs, lateral kinetic energy, Elat, is adopted to evaluate the vanes thermal hydraulic
characteristics. In this study, lateral kinetic energy is averaged over the four subchannels,
Sub1 to Sub 4 confined by the nine central rods, at various axial locations and defined as

Elat =

1
2
vlat ds
∫
2s

(2)

∫ ds
s

where vlat is the magnitude of lateral velocity, and s is cross-section area.
Fig. 7 presents the variation of average lateral kinetic energy at different axial locations
downstream the grids. It is seen that the lateral kinetic energy is almost zero for bare bundle
and for grid without mixing vanes, and for grids with mixing vanes it increases very deeply at
just past the grids downstream edge and reaches the maximum at Z=0.4Dh, and then rapidly
decreases within a short distance, 0.4-4Dh, and then smoothly decreases at the locations
followed. It is found that the mixing vane with θ=34º and α=1.58 has the best performance
among all the vane designs in terms of the average lateral kinetic energy. Similar to the
variation trend of the cross-flow flux, it is also found that the average lateral kinetic energy will
decrease as aspect ratio increases, group 1, and decreases as the bending angle decreases,
group 2.
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3.5 Heat transfer enhancement
Fig. 8(a)&(b) shows the variation of rod bundle wall heat transfer coefficient along flow
direction in linear and logarithmic coordinate, respectively. The first data point in Fig. 8(a)
locates at Z=-1Dh, 1Dh upstream grid upstream edge, the second data point locates at
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Z=0.1Dh, 0.1Dh downstream grid downstream edge. It is seen that all the downstream
locations are having higher wall heat transfer coefficient than that of upstream location
Z=-1Dh, indicating the function of heat transfer enhancement of grids. Fig. 8(b) clearly shows
the difference of the wall heat transfer resulted from the grids. For the bare bundle the wall
heat transfer coefficient changes very smoothly and with a slight increase at the downstream
locations. For the grid without mixing vanes, the wall heat transfer coefficient first quickly
decreases until Z=4Dh, and then slightly increases at the downstream locations. For the grid
with mixing vanes, the wall heat transfer coefficient first decrease very smoothly up to
Z=0.6Dh, and then has a sharp decrease until Z=4Dh, and finally tends to have a constant
value in the downstream followed. It is interesting to find that the mixing vane with θ=32º and
α=1.74, not the one θ=34º and α=1.58, has the best performance, while the other vane
designs have almost identical performance in terms of wall heat transfer enhancement.
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Fig. 8 Average wall heat transfer coefficient at different axial locations in (a) linear coordinate
and (b) logarithmic coordinate.

4. Concluding remarks
Influence of split mixing vanes with undercut and different bending angle and aspect ratio on
the resulted thermal hydraulic performance in terms of local flow field, pressure loss, lateral
flow kinetic energy, and wall heat transfer are systematically investigated in a 5×5 rod bundle
with spacer grids by using commercial CFD software. It is found the swirling flow in
subchannels can only persist near the mixing vanes (Z<1Dh) and will rapidly evolves into
swirling flows around rods rather than subchannels. In terms of grids pressure loss coefficient,
cross-flow flux, and lateral kinetic energy, similar variation trends are founded when the
bending angle and aspect ratio change. It is found that those indexes will decrease as the
aspect ratio increases and increases as bending angle increases at constant bending angle
and block ratio. However, it is interesting to note that the wall heat transfer coefficient does not
obey the trend pointed above. Among the bending angles and aspect ratios studied, the
bending angle of 32º with aspect ratio of 1.74 gives the best performance, rather than the
largest bending angle 34º. When designing mixing vanes, one should take a balance between
the pressure loss, lateral flow, and heat transfer enhancement based on the critical concern.
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ABSTRACT
Advanced modeling and simulation methods are being developed as part of the US Department of
Energy sponsored Nuclear Energy Modeling and Simulation Hub called CASL (Consortium for Advanced
Simulation of LWRs). The key participants of the CASL team include Oak Ridge National Laboratory
(lead), Idaho National Laboratory, Sandia National Laboratories, Los Alamos National Laboratory,
Massachusetts Institute of Technology, North Carolina State University, University of Michigan, Electric
Power Research Institute, Tennessee Valley Authority and Westinghouse Electric Corporation. One of
the key objectives of the CASL program is to develop multi-physics methods and tools which evaluate
neutronic, thermal-hydraulic, structural mechanics and nuclear fuel rod performance in rod bundles to
support power uprates, increased burnup/cycle length and life extension for US nuclear plants.
In order to achieve key program objectives a higher fidelity, multi-physics approach is needed to address
the critical challenge problems that limit current reactor performance. Some of these key challenge
problems include crud/corrosion, grid to rod fretting, pellet clad interaction, fuel assembly bow, departure
from nucleate boiling transients, loss of coolant accidents, reactivity insertion accidents, advanced fuel
material implementation and the extension of reactor vessel and internals lifetime. This paper focuses on
applying advanced methods developed by CASL to predict Grid To Rod Fretting (GTRF) in PWRs.

1. Introduction
The first step to predict grid to rod fretting includes developing a CFD (Computational Fluid Dynamics)
model of one quarter of the reactor vessel with the internals and all the fuel assemblies. This model
contains polyhedral meshes for the vessel and internals and hexahedral meshes in the fuel assemblies.
Sufficient detail was simulated so the limiting areas in the core can be identified for the turbulent
excitation force causing fuel rod vibration.
The next step is to predict the grid to rod gap for all the spacer grid cells in the reactor versus time.
Another tool, HIDUTYDRV was used to predict the rod creepdown and growth, spacer grid growth and
relaxation of grid rod supports to calculate the grid to rod gap versus time for all rods and grid cells in the
core. The limiting areas of maximum grid to rod gap and high turbulent excitation force were then
identified in the core where a more detailed CFD and rod vibration analysis was performed.
A 3x3 pin CFD analysis was performed using a Large Eddy Simulation (LES) model to better predict the
turbulent excitation force in the limiting region. This turbulent excitation force was then used together
with the predicted grid to rod gap information in this region to predict rod vibration and rod wear versus
time using an advanced vibration tool, VITRAN. This vibration tool was benchmarked to available rod
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vibration and wear data from out-of-pile tests from the VIPER Loop. The predictions of rod wear using
these advanced tools for fuel in the reactor are similar to rod wear measurements in the field. Figure 1
describes the tools and process for making the predictions and the following sections further describe the
development and application of the tools.
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Fig. 1 Summary of Tools to Predict Turbulent Excitation, Grid to Rod Gap, Rod Vibration and Wear

2. Development of Vessel CFD Model to Define Limiting Area for Turbulent Flow
Excitation
A complete 3D SolidWorks CAD model of a typical 4 loop Westinghouse PWR was constructed based on
drawings. A single fuel assembly CAD model including all geometric details such as the bottom nozzle,
the P-grid, the Bottom grid, the mid-grids, the top nozzle, the fuel pellets, the fuel rods, the fuel rod end
plugs, and the thimble tubes, was created based on Westinghouse 17x17 fuel design. The fuel assembly
was then brought into the 3D reactor pressure vessel CAD model to form the entire reactor. From the 3D
CAD model, computational meshes were generated for the reactor internals and the fuel assemblies.
The meshes were assembled into a single mesh connected by interfaces on the Westinghouse large
memory machine. The mesh contains 1.2 billion cells. In the core region, hexahedral cells were used.
In the rest of reactor region, hexahedral and polyhedral cells were used. Mesh sensitivity study was
carried out to ensure that adequate mesh refinement was used. Further detail on the development of a
typical vessel CFD model is given in reference [1] together with validation to flow model test data.
The CFD model, shown in Figure 2 was setup with the operating conditions of a typical PWR and an
axial and radial power distribution calculated by the Neutronic code, ANC. The CFD model was
executed on the ORNL super computer Jaguar. The high fidelity CFD model provided information on
flow velocity, pressure, flow temperature, fuel cladding temperature, and fuel pellet temperature on each
individual rod. Figure 3 shows the pressure distribution in the reactor. A post-processing script was
developed to calculate the averaged cross flow velocity for each fuel rod at any given elevation. By
evaluating the cross flow velocity, the fuel rods with the maximum value was identified to help determine
the limiting area for turbulent flow excitation. The limiting area is then investigated further with a detailed
3x3 pin model.
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Fig. 2 CFD model and mesh

Frame 001  18 May 2001 

Y-location (mm)

5

05/09/00
SUB 6
50 mm

1 m/s

0

0.7
0.6
0.5
0.4
0.3
0.2
0.1

-5
-5

0

5

X-location (mm)

PIV Data
Fig. 3 Pressure distribution in the reactor

CFD Result

Fig. 4 3x3 Pin CFD LES Modeling

3. Development of 3x3 Pin CFD Model to Predict Turbulent Excitation Force
The 3x3 pin model can be used to define turbulence excitation forces for fuel rod vibration. The turbulent
excitation forces in combination with a grid to rod gap can lead to excessive fuel rod vibration and cause
grid to rod fretting and fuel leakers in the reactor. The 3x3 pin CFD model was used to calculate the
turbulent excitation force for the spacer grid [2]. The Large Eddy Simulation model in STAR-CCM+ was
used to calculate the turbulence downstream of the grids. The WALE subgrid model, in combination with
bounded central differencing scheme for spatial discretization of the momentum equations and a
blending factor of 0.1 was used. Figure 4 shows the CFD prediction of lateral velocities downstream of a
mixing vane grid. The predicted velocities were compared to PIV data measurements showing
reasonable agreement [3].
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For the purposes of the calculation of the transient forces on the fuel rod, the center rod in the CFD
model was used. The center fuel rod is divided into segments of 25.4 mm (inch). Transient forces acting
on the fuel rod surface from CFD model are integrated at each rod segment at each time step in two
radial directions. The resultant vibration forces are then used in VITRAN code to predict rod vibration
and wear. Further details on this work are provided in reference [3].

4. Prediction of Grid to Rod Gap
The formation of a grid to rod gap can lead to excessive rod vibration, grid to rod fretting, and cladding
failure. The prediction of grid to rod gap is critical for performing fuel rod vibration analysis in PWR cores
and designing to prevent cladding failures. To predict rod vibration and rod wear for fuel assemblies in
PWR cores, the grid to rod gap must be calculated at all grid cell locations as a function of burnup or
fluence. Westinghouse has developed preliminary models for predicting this gap and implemented these
models in a code called HIDUTYDRV [4]. Figure 1 provides a prediction of grid to rod gap versus time in
life for a typical IN-IN-OUT fuel management where the fuel in the last cycle is located adjacent to the
core shroud where power is low. For this type of fuel management the fuel swells in the first two cycles
causing the grid spring to be compressed and relaxed in this position. Then, the fuel is placed near the
shroud in the third cycle where power drops causing the rod to shrink resulting in a grid to rod gap. Also,
the grid cells grow due to irradiation increasing rod gap. As shown in Figure 1, the grid to rod gap can be
near 3 mils, possibly higher, due to power changes between cycles, fluence, residence time, etc. To
predict rod vibration and rod wear the turbulent excitation force and grid to rod gap is needed together
with details on grid geometry.

5. Application of VITRAN to Predict Rod Vibration and Wear
VITRAN (VIbration TRansient Analysis – Nonlinear) is a special code developed by Westinghouse to
simulate flow-induced vibration and fretting wear of a fuel rod (Ref. 5). A non-linear dynamic model of a
nuclear fuel rod and its supports has been developed and integrated to a fretting-wear analysis method
to predict the performance of fuel assemblies (A VITRAN fuel rod model is shown in Figure 1). VITRAN
includes hydraulic, structural and tribological effects. The model takes into account the presence of grid
to rod gaps that may develop as result of the cladding creep-down, spring relaxation, grid growth, wear
effects, etc. VITRAN calculates the rod frequency response and motion, the support impact forces
(normal and friction forces), the sliding and sticking distances and the work rates. The model uses the
normal work rate to calculate the rod wear rates and the scar depths according to the wear coefficients
and the geometric characteristics of the pair rod-support. VITRAN includes statistical analysis modules
that can be used with Monte Carlo simulations and are particularly useful to take into account the large
uncertainties existing in most of the mechanical parameters of the fuel assembly and its boundary
conditions.
High flow velocity and turbulence imposes stochastic and fluctuating pressure (force) on the fuel rod
surface and induces fuel rod vibration. The PSD (power spectral density) is normally used to describe the
fluctuating pressure. For fuel spacer grid designs with mixing vanes, turbulence force (PSD) starts high at
the grid and dissipates along the rod downstream. Based on CFD simulation, a three-step function is
used to simulate the PSD magnitude and correlation on each fuel span.
VITRAN simulations have been benchmarked and compared with hydraulic loop test data. Figure 5
shows acceleration frequency spectrum in the 5 to 200 Hz range of an instrumented rod with an
accelerometer at middle of span, Reasonable agreement observed between measurements and
predictions.
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Fig. 5: Acceleration frequency spectrum (5~ 200 Hz) comparison between an instrumented rod with an
accelerometer at middle of span and VITRAN simulation results.
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Westinghouse has performed many endurance tests to evaluate fuel fretting wear performance in the
VIPER loop. The VIPER Loop can contain two full scale fuel assemblies. In VIPER tests, grids are presized to simulate the end of life conditions. The actual support conditions of each fuel rod in a skeleton or
interactions of a fuel rod and supports are always uncertain. After VIPER test, all fuel rods are carefully
examined to identify wear scars. Each identified wear scar is measured by a 3-D laser scan to obtain
wear depth and wear volume. Due to the random and uncertain nature of GTRF, the VITRAN code uses
its Monte Carlo function to generate a large number of single rod models with random support conditions
based on defined distribution and parameters. The main goal of VITRAN simulation is to get a statistic
similarity with VIPER test data due to the stochastic nature of flow induced vibration, support condition
and fretting wear. One hundred individual VITRAN fuel rod model input files with different grid
misalignment and dimple tilt values are automatically generated by Monte Carlo function. The values of
both grid misalignment and dimple tilt are assumed to have normal distributions.
One of the VIPER test comparison parameters, Average Grid Wear Scar Depth (GSD), is a measure of
the average wear scar depth per grid elevation. GSD is very often used to show test data intuitively.
Figure 6 gives the comparison of the distribution of wear along grids. Again, VITRAN and VIPER show
good agreement overall.
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Figure 6: Average Grid Wear Scar Depth (GSD) Comparison between VIPER and VITRAN
The last comparison is the histogram comparison shown in Figures 7 (a) and (b). The VITRAN prediction
of spring and wear scar depths are similar and the VIPER frequency is a bit larger with more scatter.
VITRAN is a mathematic simulation and the distribution is smoother.
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More work is going on to use VITRAN to predict fuel grid to rod fretting wear in reactors. Figure 8 show a
comparison of two designs in the field. Design 2 has more margin than Design 1, which is consistent with
our field PIE experience for these two designs.
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Figure 8: Spring Wear Scar Depth Probability Distribution Comparison between Design 1 and Design 2

6. Alternate Method to Predict Rod Vibration and Wear
The current method employed in VITRAN utilizes PSD and a one-dimensional structural model which
provides an efficient computational approach to predict rod vibration and wear. An alternate approach is
being developed by CASL that leverages high performance computing, high fidelity 3D analysis
capabilities, and science-based models, in a modeling and simulation computational environment for
predictive simulation of light water reactors; VERA - Virtual Environment for Reactor Applications, [6].
For the GTRF structural vibration calculation, the current CASL workflow involves the application of the
CFD pressure load, generated from a CASL CFD code Dreka using LES, directly onto the structural
model through solution transfer procedures that accommodate different CFD and structural meshes, and
different temporary step sizes. The SIERRA structural dynamic code developed by the Sandia National
Laboratories is used to perform the 3D vibration analysis for the fuel rod and spacer grid models.
Fig. 9. A first application of the CASL
GTRF analysis workflow for the center
rod of the 3x3 geometry of Figure 4. Full
time history of the CFD pressure load
determined from CASL CFD Drekar
code using LES is applied directly onto
the structural finite element model
through solution transfer procedures. A
new localized wear model is used to
predict wear depth distribution without a
priori assumption of the wear scar
shape, as shown in the inset of this
figure.

As a first application, mechanical interference fit between the rod and spacer grid that causes preloads in
the rod and spacer grid is modeled for some supporting spacer grids, while others are modeled with
preset grid cell gaps in order to study the effects of gap size on fretting wear development. Figure 9
shows the computational domain of such a calculation that involves the center rod of the 3x3 geometry of
Figure 4. The finite element models for the spacer grids are developed so that periodic displacement
boundary conditions can be imposed during the preload and structural vibration steps. The contact loads
and relative tangential slips at the contact nodes between the rod and the spacer grids are determined
from the 3D analysis. They are then used in a recently developed CASL wear model to predict wear
depth distribution. This wear model takes advantage of the availability of detailed 3D structural vibration
solutions in the CASL VERA workflow by localizing the work-rate wear model in VITRAN into one that

© 2012 Westinghouse Electric Company LLC. All Rights Reserved

TopFuel 2012 Reactor Fuel Performance Conference
Manchester, UK September 2-6, 2012

TopFuel2012-A0146

predicts wear depth distribution over the contact region using the 3D results, without a priori assumption
of the surface shape of the wear scar. A contour plot of the wear depth on the rod at one spring/rod
contact area is shown in the inset of Figure 9 as an illustration.
The 3D finite element approach in the VERA workflow allows a systematic refinement/enhancement of
the fidelity of the GTRF modeling by capturing the essential mechanisms of material deformation, friction
characteristics, and fretting wear behavior. Such capabilities are being developed by CASL for inclusion
in VERA. For example, oxide layers, whether introduced by pre-oxidation during fabrication of the spacer
grid, or developed on the fuel rod and spacer grid surfaces during reactor operations, could play an
important role in the GTRF wear development. The incorporation of pre-oxidized layers and oxide
growth during reactor operations in the GTRF modeling can only be realized through the VERA 3D
approach. Such enhancements to the GTRF modeling capabilities are being developed. This alternate
method will be applied in the future and compared to the VITRAN method.

7. Conclusions
Advanced modeling and simulation methods have been developed to predict turbulent flow excitation,
grid to rod gap, rod vibration and grid to rod fretting wear. A process has been defined to couple these
tools for prediction of rod wear. The predictions of rod wear using these advanced tools for fuel in the
reactor were also compared to available rod wear measurements in tests and the field indicating
reasonable agreement. Further work is needed to benchmark these tools to out-of-pile test data and to
reactor poolside measurements of rod growth, grid cell size, grid growth, rod and grid oxide thickness
and rod wear. The plan is to automate the use of these tools as part of the fuel management process to
assure adequate grid to rod fretting margin is available for normal operation and for power uprate and
higher burnup/increased cycle length conditions. These tools can also be used to help optimize grid
design for grid to rod fretting with reduced qualification testing.
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ABSTRACT
Fuel product development at AREVA NP includes, for many years now, systematic
Computational Fluid Dynamics (CFD) simulations to complement experimental validation.
Thoroughly validated methodologies for single phase flow simulation have been established
and are used for design, analysis and optimization purposes on both spacer grid and
bottom/top nozzles.
In the frame of an AREVA NP international 2-phase CFD simulation project using AREVA’s
worldwide competences, Fuel thermal hydraulics R&D activities include the evaluation of
NEPTUNE_CFD applied to spacer grid and Departure from Nucleate Boiling (DNB) analysis.
NEPTUNE_CFD, a three dimensional CFD code based on an Eulerian two-fluid model,
whose development is financed by EDF, CEA, IRSN and AREVA, is used as reference code
with its state-of-the-art physical modeling dedicated to nuclear reactor safety issues including
free surface flows (for Pressurized Thermal Shock applications) and bubbly flows simulation
(for DNB analysis). In parallel, the use of Star-CCM+ in the frame of this 2-phase project for
industrial applications enables to develop advanced simulation methodology for 2-phase flow
phenomenology downstream PWR spacer grids for CHF applications.
This paper presents first an analysis of “additive” effects of spacer grid components on the
CHF variation. Successive geometries, each representing additional spacer grids
components, are simulated to identify the single component influence on the physical
phenomena and the 2-phase flow patterns leading to DNB.
The analysis is based on the analysis of local 2-phase flow physics through and past the
spacer grid close to DNB (condensation rates, bubble break-up/coalescence, wall
evaporation…) predicted by NEPTUNE_CFD.
In a second part, we present the application of Star-CCM+ to the 2-phase simulation of 5x5
spacer grids. The analysis of these applications illustrates the main challenges and
perspectives for the industrial application of 2-phase CFD codes at AREVA NP applied to
product design, aiming at developing ever more reliable and successful products with respect
to safety and CHF performance.

1.

Introduction

Some authors have investigated the 2-phase flow behavior inside rod-bundles close to CHF
by means of CFD. Alleborn et al. [15] investigated the two-phase flows in a bare rod bundle
sub-channel in the bubbly flow regime using Star-CD with a modified heat partitioning model.
Macek et al. [3] have tested NEPTUNE_CFD capabilities to predict DNB in a bare rod bundle
as well. The authors have investigated 13 selected tests of the Large Water Loop (LWL) CHF
experimental set-up (to cover a wide range in pressure, mass flux and inlet sub-cooling).
Prediction of the CHF values for these various state points was done, and a sudden rise in
wall temperature was observed when increasing wall heat flux by a few percent heat flux
increments. Shin et al. [6] investigated the CHF enhancement ratio with respect to various
designs of mixing vanes: split, swirl and hybrid. Using CFX 11 and comparing CFD results to
experimental CHF tests on the various spacers, they showed a good correlation between the
void flatness and the CHF enhancement ratio. Mimouni et al. [7] studied with
NEPTUNE_CFD the influence of the mixing vane angle on a simplified 2x2 spacer geometry
to investigate the impact of polydispersion and 2nd order turbulence model on their ability to
find an optimal vane angle on a related physical criteria (namely the maximum of the liquid
temperature).

2. Physical investigation of the 2-phase flow past a spacer grid close to DNB
2.1 Motivations
In the process of optimization of CHF performance of a given spacer grid, design engineering
up today relies mainly on integral experiments conducted in thermal-hydraulic CHF dedicated
loops [2]. Progress in design is achieved by expert analysis of experimental results from
various campaigns to identify geometrical variants which will be most promising for coming
designs. Now, with the increased computational power and technologies, new generation
CFD platforms with advanced modeling capabilities for bubbly two-phase flows (such as
Star-CCM+ or NEPTUNE_CFD), are definitively remarkable tools to tackle new challenges in
fuel product design. Indeed, they enable with their 3D local approach to gain new insights
into the local 2-phase flow behavior inside and past spacer grids.

2.2 Choice of two-phase CFD solvers: a two-fold approach
As stated previously, AREVA’s 2-phase CFD Fuel R&D project relies on an international
team of CFD experts, getting the most of active R&D codes and industrial software products.
The first (NEPTUNE_CFD) enables fruitful collaborations with research activities and allows
to keep ahead and progress in the physical understanding of 2-phase flow phenomena close
to DNB thanks to its state-of-the art physical models. The latter (Star-CCM+), through its
robust and integrated software package from pre/post-processing to numerics, permits
pragmatic simulations of industrially complex and CPU demanding geometries to help in the
decision process of new designs.

2.2.1 NEPTUNE_CFD
NEPTUNE_CFD, the CFD module of the thermal-hydraulic NEPTUNE software platform,
whose development started in 2001, is developed jointly by EDF, CEA, AREVA and IRSN [1].
The code is based on a two-fluid approach, in which balance equations for mass, momentum
and total enthalpy are solved for both liquid and vapor phases. A statistical approach is used
to treat both bubble population and turbulence. As the ensemble averaging of the governing
equations rules out all information on the micro-scale physics (bubbles shape, size and
density, turbulent eddy structures dynamics…), closure relations must be given for
momentum transfers (drag, lift, turbulent dispersion, added mass, wall forces), energy and
mass transfers between phases, as well as transfers between the wall and each phase.
Details on the bubbly flow closure relations can be found in [7].
NEPTUNE_CFD V1.2.0 was used in the following paper.

2.2.2 Star-CCM+
The STAR-CCM+ commercial software tool uses the standard two-fluid approach solving for
the conservation of mass, momentum and energy in both phases [10]. Turbulence is
modeled using high-Reynolds number form of the Standard K-Epsilon model for each phase.
The wall boiling model is based on wall heat partitioning models which is the sum of singlephase convection for both phases, quenching heat flux and evaporation heat flux. The
evaporative heat flux is based on the Tolubinsky [11] bubble departure size model, Kurul &
Podowski [12] active nucleation site density model and Coles [13] bubble departure
frequency model. The bubble size distribution is modeled using the S (S-gamma) model, see
[10] for details of the model.

2.3 Geometrical configurations, physical parameters and numerical set up
Three geometries are considered for simulation with NEPTUNE_CFD, each of them
representing a certain degree of complexity of the realistic PWR spacer grid which is of
interest in the end. First, geometry R (Fig 1) represents a simple bare rod bundle with no
obstacles in the sub-channel. Geometry RS (Fig 2) only represents simple straight straps of
the same thickness as the actual spacer, but with no contacts with the rods.. Finally,
geometry RSDSV (Fig 3) represents the complete geometry of the realistic spacer grid with
its dimples, springs and mixing vanes.

Fig 1: Geometry R

Fig 2: Geometry RS

Fig 3: Geometry RSDSV

To properly take into account the spatial evolution in the flow direction of void distribution and
to ensure single-phase flow conditions at the inlet, 4 spans are modeled, leading to the
modeling of 4 spacer grids and a total heating length of about 2.2m.
Characteristics of the simulated domains and their associated meshes are given in Tab 1.
Polyhedral meshes were produced with Star-CCM+ 6.02.
Geometry
Simulated domain

R
1/8th of a
sub-channel

RS
1/8th of a
sub-channel

RSDSV
2 subchannels

Lateral boundary
symmetries
symmetries
periodic
conditions
Number of cells
0.23 106
0.37 106
11.48 106
Tab 1: Simulated domains and mesh characteristics of the three geometries
For all simulations, the quadratic polydispersion model for bubble size distribution prediction
of Ruyer et al. [5] was used, as well as the 2nd order Reynolds Stress Turbulence Model (as
proposed by Mimouni et al. [4]) to properly take into account the anisotropic nature of
turbulence in swirling and bubbly flows. Interfacial interactions and momentum transfers are

taken into account with the following set of reference models: drag force by Ishii [16], lift force
model by Tomiyama [17], and added mass force with the model by Zuber [9].
In this paper, only one thermal-hydraulic state-point will be presented, for which physical
parameters are within PWR operating conditions. Outlet pressure is Pout=145bar (Tsat=339°C),
inlet mass flux G=2000kg/m2/s and inlet temperature Tin=260°C (corresponding to an inlet
sub-cooling of 79°C). This state point corresponds to a single phase bulk flow velocity of
2.8m/s, the flow being fully turbulent with a Reynolds number of 235 000.
Wall heating is uniform on the rods and equal to 1.02MW/m2.

2.4 Results
Figure 4 shows the void fraction cross sectional average evolution along the flow direction. It
shows that the straps play a role in the vapor condensation only for high sub-cooled
conditions, as it is the case for the second spacer. Indeed, even if bubble break-up is of the
same order of importance for every straps position (see Figure 5), vapor condensation is
very high for the second spacer (with a negative vapor generation, see Figure 6). This
important vapor condensation is no longer observed as the flow approaches saturation
conditions, even if bubble break-up by the straps is still significant at the last spacer position
(see Figure 5).

Fig 4: Axial evolution of cross
sectional average of vapor
fraction

Fig 5: Axial evolution of cross
sectional average of Sauter
mean bubble diameter

Fig 6: Axial evolution of
cross sectional integrated
vapor mass generation
(vaporization)

Cross sectional plots of bubble diameter are provided before and after the second last
spacer grid. Figures 7a, 7c, 7e at z=-840mm are taken 1Dh (Dh standing for “hydraulic
Diameter”) below leading edge of the straps. Figures 7b, 7d, 7f at z=-747mm are taken 5Dh
above trailing edge of straps. One can observe that bubble diameter reaches highest values
at the center of the sub-channel. This is mainly due to the departure of the bubbles from
regions of high turbulent dissipation regions near the rods, leading to coalescence in the core
of the flow. The presence of the straps leads to most of the bubble break-up in that region
(Figure 7c and 7d).
When taking into account the mixing vanes, the swirl induced by the vanes leads to a high
amount of vapor condensation, reducing in sub-cooled conditions the averaged void. When
the flow reaches saturated conditions (close to the second last spacer), swirl causes vapor to
concentrate in the center of the sub-channels (by centrifugal forces). Bubbles diameter
therefore increases significantly (Figures 6 and 7f) due to coalescence. This leads to less
interfacial area concentration and liquid/vapor heat exchange in the sub-channel. At the end
of the bundle, the averaged mean bubble diameter is twice larger in the RSDSV geometry
(0.8mm) than in the bare rod bundle R configuration (0.4mm).

z=-840mm

Fig 7c

Fig 7e

z=-747mm

Fig 7a

Fig 7d
Fig 7b
Fig 7f
Geometry R
Geometry RS
Geometry RSDSV
Fig 7: Cross sectional views of local bubble Sauter diameter (mm) before (z=-840mm) and
after (z=-747mm) the second last spacer grid

3.

Overview of 2-phase 5x5 spacer simulations challenges

Compared to classical and well established 1-phase CFD (for pressure drop prediction for
instance), prediction of 2-phase flow with phase change in Fuel Assembly geometries up to
CHF requires significant additional efforts in terms of physical modeling and computational
efforts.
Indeed, when considering the 1-phase application of pressure drop calculation for instance,
one single span is usually necessary to model correctly the fluid flow and accurately predict
pressure drop. On the other hand, considering the axial evolution and span-wise distribution
of enthalpy, void and bubble population in fuel assembly CHF applications, one has to
consider a sufficient number of spans. This is essential so as to ensure a complete
decorrelation between the flow at DNB detection elevation and the prescribed single phase
boundary conditions at inlet. Depending on the state point of interest and the exit quality, at
least 3 to 4 spans must be modeled to respect this criterion.
Axial domain extent not only implies multiplying proportionally the cell count, it also induces
larger resolution times. This is particularly true for unsteady solvers (such as in
NEPTUNE_CFD) for which one has to consider time scales compatible with the transit time
for the flow to flow through the entire domain. But this is also true for steady state solvers
(even with multi-grid pressure solvers) for which solver relaxation acts as a transport of
information through the whole domain during the iteration process.
Estimations of industrial applications with NEPTUNE_CFD on a 5x5 spacer on 4 spans lead
to approximately 140 million cells and could reach a steady state for a single state point in
about 48h on a number of processors on the order of 1000.
Conversely, Star-CCM+, with its robust steady state solver, on a similar case would require
about 300 processors to reach a steady state within 48h, making it an interesting tool for
parametric studies during design process to rank and discriminate designs. Figures 8-a and
8-b show how such a tool can be used to analyze the velocity and void distribution between
sub-channels and on rods. It has been applied here to the 2-phase simulation of a 5x5
complete bundle: 8 simple spacers, 7 spacers with vanes and 2 spacers without vanes.
Results provided hereafter were obtained with a steady k- RANS model on a 121million
trimmed cells mesh. Table 3 is a comparison of the CFD simulation results with experiments.

It is shown that the CFD results lie within the uncertainty of the experiments, which is an
encouraging result in such a complex geometry; note measuring and predicting low void on
the lower parts of a fuel assembly is difficult and of less relevance for CHF applications.

a) Vapor fraction on the rods and transverse b) Vapor fraction on the diagonal rods and on
velocities past the last spacer grid
a cross-section past the last spacer grid
Fig 8: Two-phase simulation with Star-CCM+ of the OECD-PSBT 5x5 Full Bundle experiment
(Test Assembly B5, Test Series 5.1121)
CCM+
Experimental
Results
Results
Lower Section
.64%
0%
Middle Section
2.3%
0%
Upper Section
13.4%
17.91%
Tab 3: Comparison of the steady-state central regional 4 sub channel average void between
STAR-CCM+ simulation results and experiments [14].
T5_1221

Nevertheless, it is clear that the development and application of these new methodologies
will definitely rely on the ability for these tools to efficiently run on large HPC clusters and will
be pushed forward by increasing hardware performance and software architecture
development (algorithms optimization, parallelism efficiency…).

4.

Conclusions and perspectives

An illustration of 2-phase flow analysis close to DNB has been presented with both
NEPTUNE_CFD and Star-CCM+ CFD software tools, applied to industrial spacer geometries.
The analysis of the local 2-phase flow characteristics in terms of bubble breakup/coalescence dynamics, vapor evaporation/condensation and flow-field distribution shows
that the impact of the spacer geometry on CHF performance can be studied and evaluated.
Next steps towards more industrial applications and accurate prediction of 2-phase flow
phenomena close to DNB and CHF prediction will rely on developments following two major
directions. First, progress in physical modeling are needed, including 2nd order turbulent heat
transfer modeling, advanced wall heat flux partitioning modeling, improved bubbly flow interphase transfers and all flow-regimes modeling approach, just to name a few. These
developments will be supported by dedicated thermal-hydraulic experiments which will focus
on local and micro-scale measurements. Second, progress in High Performance Computing
(scalability and optimization, software architecture) and in numerical schemes (2-phase
dedicated robust convection schemes, phase coupling…) should allow tackling industrial
spacer grid geometries up to 5x5 and their CHF prediction within engineering time
constraints in the near future.
These software developments, supported by the use of HPC clusters, are expected to break
some barriers in terms of physical analysis and understanding of the main geometrical and
physical parameters leading to CHF past mixing grids in PWR fuel assemblies.
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ABSTRACT
One of the important phenomena in the heat transfer process inside a LWR nuclear
core is the occurrence of the boiling crisis or critical heat flux (CHF), where the
degradation of the heat transfer between rod surface and fluid could cause an
increase of temperature at the cladding surface, possibly leading to a failure of the
fuel rod. Sufficient margins need to be provided to avoid the occurrence of the
phenomenon. Thus, CHF limits the operational flexibility of a nuclear power plant. A
fully mechanistic description of the CHF phenomenon is still not available.
Therefore, CHF testing continues to be the most important tool to determine the
thermal-hydraulic performance of fuel assemblies. The collected data serves two
purposes: (1) the data is used to develop and validate advanced methods to
describe CHF, (2) from the results obtained by the tests empirical correlations are
derived which can be employed in LWR core design calculations. For both
purposes the availability of high quality and quantity CHF data is an invaluable
asset. AREVA NP’s global data base for PWR and BWR CHF data provides a
strong foundation for correlation and method development. In this presentation a
new state-of-the-art process for CHF correlation development will be described.
The improved development process at AREVA is characterized by three features:
(1) Utilization of an advanced correlation functional form, incorporating mechanistic
features that distinguish between the governing mechanisms departure from
nucleate boiling (DNB) and dryout, depending on the flow regime. (2) Employment
of advanced optimization approaches, such as genetic algorithms and robust fitting.
(3) Extensive verification and validation. In conclusion, this process provides a
highly reliable methodology to qualify the CHF performance of PWR and BWR fuel
assembly designs at AREVA.

1.

Introduction

One of the important phenomena in the heat transfer process inside a nuclear reactor core is
the occurrence of the boiling crisis or critical heat flux (CHF), where the degradation of the
heat transfer coefficient between rod surface and fluid could cause an increase of
temperature at the cladding surface and possibly a failure of the fuel rod [1]. Sufficient
margins need to be provided to avoid the occurrence of the phenomenon. Thus, CHF limits
the power capability of a nuclear power plant. Detailed knowledge of the mechanism of CHF
is still lacking nowadays. Therefore, CHF testing is required to qualify the thermal-hydraulic
performance of fuel assemblies. From the results obtained by the tests empirical correlations
are derived which can be employed in PWR and BWR core design calculations.

2.

CHF Measurements and Database

The first prerequisite in assessing the safety margin regarding CHF is to obtain a set of
measurements. The conditions of these measurements should represent the conditions in
the nuclear reactor core. The common approach is to use a bundle geometry, representing
the fuel assembly design to be used. Axially uniform as well as non-uniform heating profiles
are applied. In order to conduct these measurements, AREVA maintains its own
multifunction thermal-hydraulic loop at Karlstein, Germany, the KArlstein Thermal-Hydraulic
test facility (KATHY) [2]. It provides amongst other types of measurements the capability of
CHF testing of PWR and BWR fuel assembly designs.
The results of the CHF testing are stored in an extensive database, which allows further
processing of the measurements, as well as an extensive quality assurance process to verify
the obtained data. Furthermore automated tools have been developed to assess and
evaluate the information stored in the database, creating essentially an extensive knowledge
base on CHF behaviour of fuel assembly designs, i.e. providing easy access to answer
specific questions on the CHF performance of the fuel assembly designs.
Meanwhile this database of PWR CHF tests includes the results of approximately 200
measurements with approximately 18000 data points covering a broad variety of fuel designs
and a wide range of parameters. They originate not only from tests performed at the KATHY
loop but also from the formerly used loops OMEGA (Grenoble) and CU HTRF (Columbia
University). Through extensive benchmarks [2] compatibility within this database has been
ensured. This comprehensive database forms a strong basis for the development and
testing of CHF correlations. Similarly the BWR database contains 290 measurements
corresponding to roughly 17000 data points.
These comprehensive databases provide a well founded starting point for correlation and
model development.

3.

Development of PWR and BWR CHF Correlations

A challenging task is the transfer of the CHF performance obtained in the test bundle
conditions towards the conditions encountered in the PWR core. This transfer is done via the
determination of the corresponding local flow conditions using a sub-channel code. This task
can be performed by the thermal-hydraulic subchannel code COBRA-FLX [3][4], part of
ARCADIA®, the new AREVA code system for core design and safety analysis [5], taking
into account experience and know how from all AREVA regions. The empirical CHF
correlation as a function of the local flow conditions provides the link between the CHF
performance obtained in the case of the bundle geometry and the one applicable to the fuel
assembly in the PWR core.
The most challenging task in developing the PWR CHF correlation is how to obtain an
optimal representation of the CHF performance of the fuel assembly design. One way of
such a representation is an empirical correlation, linking the main explanatory variables,
such as the local flow conditions (mass velocity, quality, pressure) and geometrical
properties of the fuel assembly design towards the measured critical heat flux. The final
PWR CHF correlation should be able to determine the CHF performance of its fuel assembly
design for any core configuration encountered.
The BWR development process for dryout correlations at AREVA is based on a state-of-the
art mechanistic critical power correlation, where the processes of entrainment, deposition
and evaporation in annular flow are modelled. Due to the mechanistic approach employed in
the model, not only the prediction of the magnitude of the critical power but also the location
of dryout can be predicted with high accuracy.
The following section will illustrate the PWR CHF correlation development process in detail.

4.

AREVA PWR CHF Correlation Development Process

Figure 1 gives an overview of the AREVA CHF correlation development process, as it is
implemented at AREVA, with its three stages: (1) creation of a CHF database, (2)
development of the CHF correlation and (3) validation. Starting point is the database of CHF
measurements. Using the AREVA sub-channel code COBRA FLX, the CHF test data are
recalculated in order to obtain a database in terms of local flow conditions. Based on this an
empirical correlation representing the CHF behaviour is optimized.
Starting Point:
Experimental CHF data

KATHY

Global Database

(1)

PWR CHF DB

(2)

BWR CHF DB

Correlation Development
Advanced
Correlation
Model

Validation of correlation
Application in
Safety analysis

(3)

Figure 1: PWR CHF correlation development process at AREVA

The improved PWR CHF correlation development process at AREVA is basically
characterized by four features:
1. The extensive database covering a broad range of flow conditions as well as
geometrical parameters allows for a robust determination of dependencies of the
critical heat flux on pressure, massflux and quality, but also the dependencies on
geometrical influences.
2. Its advanced correlation functional incorporates in addition to some standard
empirical terms, more physically based terms, reflecting the transition of flow
regimes. These terms are based on the local flow conditions pressure, mass flux and
quality. As shown in Figure 2 this advanced functional employed at AREVA is able to
provide effective coverage of the broad range of flow regimes encountered in PWR
core transient analysis. In this functional the transition between different phenomena
dryout and DNB in corresponding flow regimes:
CHFuniformP, G, X , geometry factors  CHFDNB P, G, X , geometry factors  CHFannularP, G, X , geometry factors

, where P,G,X are the local flow conditions and the functions CHFDNB and CHFannular
describe the critical heat flux in the DNB regime and in the dryout (annular flow)
regimes respectively. The handling of the transition towards the dryout regime is
handled by the introduction of parameter similar to an annular flow length. Figure 2
illustrates the results of the application of the advanced PWR CHF correlation
development process to a standard grid design. Its excellent performance is
particularly demonstrated by the homogeneous standard deviation versus the
thermodynamic quality. This allows not only for an overall improvement of the
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Figure 2: Application of the PWR CHF correlation development process towards CHF data for a
standard spacer grid

3. The implemented process employs advanced fitting algorithms such as genetic
algorithms and robust fitting schemes. It provides a more reliable representation of
the data compared to the standard least square fitting method. The optimization of
the CHF correlation involves both,
finding the most appropriate functional, i.e. the empirical terms of the CHF
correlation,
and the coefficients of both, the empirical and the physically based terms.
A very efficient way to solve the first step is provided by using a genetic algorithm
approach [6], as already shown for problems of comparable complexity [7]. This
approach allows replacing the standard “trial and error” approach in finding the
functional form by an automated approach. Furthermore, this stochastic optimization
method also provides an efficient possibility to optimize the coefficients of highly nonlinear terms contributing to the CHF correlation. An example of such terms is the
factor taking into account the axial flux shape [8], which is not easily treatable by a
deterministic optimization scheme and therefore often used in a non-optimized form.
In a second step the coefficients of the correlation are determined in a standard nonlinear least squares algorithm. For the overall guidance of the optimization process
not only standard statistical parameters regarding the prediction of the critical heat
flux value itself are used, but also the burnout location prediction in comparison to the
experimental data. As shown in figure 3, the robust development method is directly
linked with the extensive database of CHF measurements as well as the advanced
modeling approach in the CHF correlation.

Global Database

Advanced Corr. Form
Physically based terms
reflecting transition of flow
regimes

PWR CHF DB
BWR CHF DB

Robust Dev. Methods
Genetic Algorithms
Location Prediction

Figure 3: The robust development method at AREVA

4. Furthermore, an extensive set of verification and validation methods is used to
ensure high quality standards of the CHF correlation. These methods cover the
detailed statistical analysis of the CHF correlation based on its underlying CHF test
data as well as a representative test matrix of COBRA-FLX calculations covering the
range of PWR core design analysis. Again the large available CHF database at
AREVA allows an extensive validation of the correlations.

5.

AREVA BWR dryout Correlation Development process

Similarly to the PWR CHF correlation development process, a process for the development
of BWR dryout correlations has been setup. It is based on a mechanistic approach for the
description of dryout in the annular flow regime. As sketched in figure 4 (a) this requires
modelling the basic physical phenomena in the mass balances of the annular film flow:
entrainment, evaporation and deposition. The advantages of such a mechanistic approach
are mainly found in a more reliable extrapolation behaviour of the model and therefore a
more robust applicability.

Evaporation

Deposition

Entrainment

(a)
(b)
Boundary layer

Bulk flow

Figure 4: Mechanistic approaches in (a) annular flow regimes and (b) bubbly flow regime to model dryout
and DNB respectively

Correspondingly for the DNB regime encountered in PWR correlations a mechanistic model
is currently under development, based upon the mass balances in the bubbly flow regime
between the boundary layer and the bulk flow as depicted in figure 4 (b).

6.

Summary

A new state-of-the-art process for PWR and BWR CHF correlation development has been
designed and implemented at AREVA, providing a highly reliable tool to qualify the thermalhydraulic performance of AREVA fuel assembly designs. Experience gained on both PWR

and BWR CHF correlation development has been taken into account. A mechanistic
approach is followed in BWR dryout correlation development, allowing for an increased
robustness in the modelling of dryout occurrence.
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1. Introduction
The goal of the DOE’s Consortium for Advanced Simulation of Light Water Reactors (CASL)
[1] is to develop advanced multi-physics methods to improve reactor safety, reduce waste
generation, and enable increased generation of carbon-free nuclear power. CASL is
organized to solve problems that challenge operating PWR’s to meet the DOE goals, such
as crud deposits on fuel, grid to rod fretting, fuel assembly distortion, and pellet-clad
interaction (PCI) that can lead to breaches in PWR fuel cladding.
As a CASL member, Westinghouse is partnering with Oak Ridge, Sandia, Idaho and Los
Alamos National Laboratories, MIT, Michigan and North Carolina State Universities, the
Tennessee Valley Authority and Electric Power Research Institute as well as other
contributors by bringing current industry experience, knowledge, and proven physics
methods to support CASL goals. Westinghouse contributes proven, licensed technology
routinely used in PWR design and operation to enable CASL to begin linking existing
industry physics models to achieve immediate advances in methods for predicting PCI, gridto-rod fretting, fuel assembly distortion and crud deposition.

2. Multi-physics models for PWR crud deposition
One of the PWR challenge problems that CASL will address is the effect of fuel crud
deposits on core and fuel performance. Fuel crud deposits can cause Crud Induced Power
Shift (CIPS) or Crud Induced Localized Corrosion (CILC). Crud deposition is a complex
phenomena resulting from the interaction between neutronics driven heat flux, thermalhydraulics driven sub-cooled nucleate boiling, and materials and chemistry driven corrosion
and crud deposition. Sub-cooled boiling within porous crud deposits concentrates boric acid
and lithium hydroxide from the coolant. If they are concentrated sufficiently, a boron
compound may precipitate in the crud layer. Since boron is a neutron absorber, this can alter
the neutron flux distribution, suppressing the flux near the crud deposits where the boron
compounds have precipitated. This phenomenon is called CIPS. Crud can also impede heat
transfer and may lead to increased clad temperatures. Thick deposits may also lead to
dryout within the crud layer, where liquid coolant no longer reaches the cladding surface.
Fuel cladding corrosion enhanced by crud is referred to as CILC.
Historically the CIPS and CILC phenomena have been modeled using stand-alone models
for neutronics, thermal-hydraulics, and crud/chemistry. Input determined by one code was
passed on to the next code to perform the crud deposition modeling. However, there was no
feedback between the individual models. The neutron flux and power distribution was
determined assuming no crud or boron was present. Those results were used to predict local
thermal-hydraulic conditions and sub-cooled boiling distributions. That data was passed on
©2012 Westinghouse Electric Company LLC, All Rights Reserved
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to predict crud deposits on the fuel as well as boron deposition in the crud. However, the
resulting boron distributions were never used to alter the initial assumed neutron flux
distribution.
As an initial step to improve the accuracy of the modeling, CASL has used a LIME [2] based
approach to link the existing Westinghouse ANC neutronics code [3], VIPRE-W thermalhydraulic code [4], and the EPRI BOA materials, chemistry, and crud deposition code [5] to
create a multi-physics tool to investigate conditions leading to the formation of crud deposits
on fuel rods. By coupling the models together, the underlying physics can be treated more
consistently. The effect of the deposited boron can be used to alter the core power
distribution, which also alters the sub-cooled boiling distribution and the resulting crud
distribution. The use of existing industry tools as a first step in creating the advanced multiphysics model allows CASL to quickly uncover challenges with the code linking as well as
quickly generate useful results.
The initial code linkage used a loose time-lagged coupling, where the neutronics and
thermal-hydraulics were coupled to produce a neutron flux and power distribution at a given
time step. The resulting power distribution and thermal-hydraulic conditions were passed on
to the BOA code to determine the crud distribution and boron deposition within the crud.
However, the resulting boron distribution was not passed back to the ANC and VIPRE-W
codes for use until the next time step. The initial coupling strategy did not involve a full tight
coupling of all three codes, but had an explicit time-lagged coupling to the BOA code.

3. Improved coupling between models
The initial results with the loosely coupled model showed some oscillatory behavior typical of
time-lagged coupling. An improved approach using the Crank-Nicolson implicit coupling was
implemented to more tightly couple the three models.
For the depletion problems being modeled by ANC-VIPREW-BOA, a reactor can be usefully
modeled as if it exists in a series of pseudo-stationary states during which the neutron
production and loss terms are balanced. In the context of the physics codes, each of these
reactor states are characterized by the current values and distribution of state variables such
as the radioisotopes (I), the boron mass (B), the neutron flux (, the neutron cross sections
(, local power (Q), temperatures (T), coolant densities ( and coolant velocities (V) (or,
equivalently, mass flow rates).
To advance in time, a method was implemented in ANC-VIPREW-BOA which preserves the
coupling dependencies noted above in a time-consistent fashion. Figure 1 illustrates, in a
simplified manner, important data flow between the different physics models for two time
steps, “n” and “n+1”, and will be referenced here to help explain the time-advancement
approach implemented.
The goal of each integration step is to advance the system state from time step “n” to “n+1”,
where all quantities of interest are initially known at time step n. This involves the timeadvancement of two time-dependent physics: (1) the depletion of radioisotopes (treated
within the ANC code), and (2) the deposition of boron in the form of crud (modeled by the
BOA code). The method implemented is algorithmically based on a predictor-corrector
approach to the time advancement of these equations, but includes an iteration loop that
leads to a time-consistent “Crank-Nicholson” solution when properly converged.
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Figure 1 Data-flow diagram for a time-consistent multi-physics time advancement scheme
based on a predictor-corrector method
Figure 2 is an alternate way of looking at the data flow between the physics codes that
follows a sequence of steps as data is passed and solutions obtained during the coupled
time integration process. It also helps to illustrate how introducing a simple iteration loop
into the standard predictor-corrector algorithm leads to a Crank-Nicolson solution.

Figure 2 Data flow between the physics codes ANC-VIPRE-BOA for both the explicit
predictor-corrector and the implicit Crank-Nicolson time-advancement methods.
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4. Results
The revised ANC-VIPREW-BOA multiphysics simulation capability with improved coupling
was used to model three cycles of a TVA PWR. The previous loosely coupled simulation
showed oscillations in the boron deposited in the crud as shown in Figure 3. This also
affected the core axial offset predictions as shown in Figure 4. Since the BOA results from
one time step were not provided to the neutronic/T-H model until the next time step, the
resulting heat flux and sub-cooled boiling distributions calculated by the neutronic and T-H
models were inconsistent with the boron deposition calculated by the crud/chemistry model
at the same time step. Boron deposited in one time step would result in suppression of the
neutron flux in the upper spans of the core in the next time step. That would reduce subcooled boiling in those regions, and reduce boron deposition in the following time step. The
reduced boron deposition would then increase heat flux and sub-cooled boiling in the upper
spans of the core in the next step. This would in turn increase boron deposition in the
following step.
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Figure 3 Comparison of boron mass predicted during Cycle 1
To improve convergence between the three models with the improved coupling, smaller time
steps for the neutronic depletion and the crud/chemistry crud and boron deposition were
used and the allowed number of allowed corrector steps was increased. Neutronic depletion
steps of 250 MWD/MTU, or about 6.5 days were used for the calculations. As can be seen in
Figure 3, the oscillations in boron deposition are no longer present. The core axial offset is
also well behaved. Figure 4 shows much smoother behavior in axial offset late in the cycle
for the models with improved coupling. The improved coupling has greatly reduced or
eliminated the previous oscillations in axial power distribution and represents an
improvement in the multi-physics modeling capability.
The results show that the boron precipitation in the crud is sufficient to alter the neutron flux
distribution in the core. As crud is deposited in the upper spans of fuel assemblies where
sub-cooled boiling occurs and becomes thick enough to precipitate boron compounds within
the crud, the flux distribution shifts away from the boron deposits. This local reduction in heat
flux suppresses sub-cooled boiling. This effect is not typically captured when using stand
alone neutronics, T-H, and crud/chemistry models. Since the physical effects of neutronics,
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thermal-hydraulics, crud, and boron precipitation all influence each other, a multi-physics
approach to modeling the phenomena are required to accurately predict core behavior.
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Figure 4 Comparison of Axial Offset predicted for Cycle 1
The results of the code predictions also show that the interaction between the physics
changes the predicted crud deposition and boron deposition in the crud. The linked code
models generally show less crud deposition and less boron precipitation compared to the
stand-alone code predictions.
As CASL continues development of advanced neutronics, thermal-hydraulics, and
crud/chemistry models, these models can also be used in this multi-physics framework to
improve predictions of core performance.
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ABSTRACT
Fuel assembly (F/A) dimensional stability (fuel assembly growth, grid growth and
distortion) is an important characteristic of fuel assembly performance. Excessive growth
results in high axial forces that can cause significant fuel assembly distortion. Fuel
assembly distortion affects fuel assembly handling negatively, RCCA insertability, plant
operation etc.
Traditionally, fuel assembly dimensional stability has been evaluated during design
stages thanks to widely accumulated operating experience and to testing. By providing a
methodology to previously assess dimensional stability of fuel assemblies (pure
mechanical and in-core conditions), a more detailed analysis of design modifications as
well as a loading pattern optimization have been enabled, both in a quick and economic
manner.
In 1999 ENUSA developed first version of the SAVAN code, capable of analyzing fuel
assembly structural behavior of plant cores, following a 2D row/column approach. The
SAVAN2D code was updated, in collaboration with Westinghouse EC and KEPCO-NF, to
incorporate new mechanical creep and growth material laws. Computational fuel
assembly models and analysis methodology were also reviewed and improved [5].
On this foundation and with the experience acquired during the previous years, project
members began a new SAVAN development, incorporating three-dimensional fuel
assembly interaction. The SAVAN3D project is based on a custom made FEA code, used
to model fuel assemblies and operating conditions of the specific core to be analyzed.
SAVAN3D code allows single skeleton, single fuel assembly and full core simulation.
Together with the FEA code, two graphic user interfaces have also been developed: (i) a
preprocessor for managing input data for analysis and (ii) a postprocessor for simulation
results, able to show analysis results in a clear and summarized way.
This paper will describe SAVAN3D technology and capabilities, including methodology
proposed to assess fuel assembly dimensional stability on design stage, simulation levels
and workflow benefits with the GUI. Eventually, typical applications will be described.

1.- Introduction
Traditionally, predictions of fuel assembly dimensional changes during irradiation have been
strongly based on experimental testing and accumulated experience (well known materials,
experience on global F/A behavior). In addition, F/A mechanical behavior was not taken into
account during loading pattern designs, i.e., there was a lack of procedures or tools to
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distinguish between favorable or adverse scenarios. During last 2 decades F/A dimensional
stability has arisen as a relevant factor to take into account both in design activities and
operation performance. Incomplete Rod Control Cluster Assemblies insertion (IRI) occurred
between 1995 and 2000, enhanced the need of a F/A bow analysis tool during in core
operation. Excessive F/A distortion, IRI and handling problems are related to mechanical
characteristics of the F/A.
Besides, as a fuel vendor and services provider, it is required to answer questions from
several organizations: internal clients, external clients (utilities), authorities, etc, about how
F/A behaves, how design modifications are going to affect the performance in terms of bow
and growth, to look for the best or better loading pattern, to perform specific analysis to
determine if F/A will fit in a specific row of the core baffle, to explain unexpected growth in
some F/A that can not be assessed via traditional calculation (what is the distribution at axial
elevations of the GT, to analyze in detail sections in compression/traction and to see if there
is creep, growth... mix of phenomena), how to mitigate IRI's, etc.

2.- Approach to the problem.
F/A dimensional stability (which means F/A growth, grid growth and shape distortion) is
important in terms of the fuel assembly performance. F/A growth is due to neutronic
irradiation. Creep and stress relaxation play a key role in the F/A behavior, provoking,
respectively, differed strains and relaxing stress state of the material as a consequence of
the irradiation. Excessive growth can lead to high axial forces that can provoke excessive
distortion of the F/A and failure of components in extreme events. F/A distortion, due to
excessive growth or shape distortion, affects badly to F/A handling inside the core, to Rod
Control Cluster Assemblies (RCCA) insertability (IRI risk) and to the general plant operation
(water gaps).
As a complement to testing, mechanical simulation has been widely used in the nuclear
industry, with well known codes such as GROWBOW (Reference [1]), with demonstrated
capabilities for the purpose it was developed for. Due to computational power increase
during last 2 decades, it was possible to develop more sophisticated codes, like SAVAN,
incorporating more detailed description of the simulated phenomena (boundary conditions
and the conceptual model used to represent the F/A) as well as more capable numerical
analysis tools.
In 1997, as a first approach to the problem, ENUSA begins to develop user subroutines for
finite element analysis code ANSYS. The aim was to simulate F/A mechanical behavior
during operation conditions, as a consequence of external forces, thermal and irradiation
effects (such as growth, creep and stress relaxation). After this first approach to the problem,
the strategy lead to developing a custom made FEA code, optimized to simulate such
phenomena. Eventually, the first version of SAVAN was released in 1999.
8 years later, in 2007, a collaboration agreement is signed, together with Westinghouse EC
and KEPCO-NF, in order to develop a 3-dimensional version of the code, integrate a
graphical user interface to provide friendly user experience, incorporate updated creep and
growth material property laws and several minor improvements to increase accuracy,
performance and robustness.

3.- SAVAN methodology.
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SAVAN is a software package for the mechanical simulation of F/A's during operation,
predicting distorted shape of the F/A due to creep, thermal dilatation and external forces
acting on the F/A. SAVAN is composed of the applicable FEA code (SAVAN2D or
SAVAN3D, in case the analysis to be performed is 2D or 3D) and of a graphic interface for
preprocessing and postprocessing purpose.
SAVAN2D and SAVAN3D include a specific element library to cover accurately enough all
characteristics of F/A modelization. It predicts F/A distortion undergoing conditions in the
reactor, from BOL just loaded to EOC unloaded, through operation stage. Detailed
description of the bow and growth phenomena and of the simulation made by SAVAN can be
found in Reference [1] and [5]. SAVAN includes all material property laws needed to simulate
all materials involved in Westinghouse PWR fuel, such as the latest growth and creep laws
needed for the simulation in the reactor for Zircaloy-4, ZIRLO, Optimized ZIRLO, both SRA
and RXA (Reference [3]).
Together with the FEA code, a methodology has been developed, so that the global problem
approach, treated here based on "simulation levels", ensures that successive models are
adequate and representative of the physic described and of the contribution of each
component or group of components to the global behavior of the F/A. Validation and
development process of a F/A and full core model in SAVAN is divided in 4 consecutive
stages:
(i) Skeleton model: model validation against skeleton lateral stiffness test.
(ii) F/A model: model validation against lateral and vertical stiffness test data of specific
F/A design.
(iii) F/A model validation against growth and bow data, through single FA in core
conditions simulation.
(iv) Full core global bow validation, through full core analysis.
Stages (i) and (ii) refer to single F/A mechanical simulation, while (iii) and (iv) cover structural
simulation and prediction of structural behavior under irradiation conditions. More detailed
description of the SAVAN methodology and of SAVAN2D code and FEA conceptual F/A
model can be found in Reference [3]. A typical development and validation of SAVAN,
including stages (i), (ii) and (iii), for the PLUS-7 F/A model, can be found in Reference [4].

Figure 1. SAVAN Preprocessor Run window.

Figure 2. SAVAN Postprocessor analysis
convergence window

SAVAN_Preprocessor is the forefront of SAVAN. Its purpose is to facilitate the user to handle
big amount of input data managed for SAVAN execution (F/A data, specific plant data and
specific operating cycle data), of preparing database with the input files to be executed and
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of building directory structure where simulation info and results will be stored. Figure 1 shows
SAVAN preprocessor layout typical window. SAVAN_Postprocessor is oriented to generate
database derived from previous simulation results, storing them in a clear way and oriented
to facilitate its visualization in a friendly way, and prepared to execute a SAVAN3D analysis
to calculate RCCA drag forces if requested. Figure 2 shows SAVAN postprocessor
convergence typical window. Main results are listed in section 3.3 and more detailed of the
graphic user interfaces can be found in Reference [5]. From a general point of view, SAVAN
workflow is shown in Figure 3.
Preprocessor

Postprocessor

-Skeleton simulation.
-F/A simulation.
-F/A incore simulation.
-Full core simulation

-Test data.
-F/A characteristics.
-Core data.
…

-Database generation.
-Data viewer.
-RCCA drag f orces simulation.

Figure 3 Data and output workflow during a complete SAVAN simulation

3.1.- Predictions
Up to date, SAVAN has been used several times to simulate a full core in order to predict F/A
bow. Before SAVAN code is ready to be applied in a specific core, validation stages (i), (ii),
(iii) and (iv) must be performed. The last stage is the more complex one. Several full core
analysis of previous cycles must be performed, so that measured bow after those cycles
match as best as possible with SAVAN predicted. This validation stage ensures SAVAN
results are close to the real ones.
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Figure 4 shows lateral shape comparison between measured BOC, measured EOC and
predicted (SAVAN) EOC. Typically, lateral shape data is reduced to the maximum C shape
bow or maximum S bow shape, and the quadratic error of predictions against measurements
is calculated. Figure 5 depicts, for different cycles and plants, comparison between SAVAN
predicted bow and F/A real measurements after same cycle, together with the associated
quadratic error of predictions.

3.2.- SAVAN3D
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SAVAN3D represents an improvement of the SAVAN methodology, adding additional
capabilities to the simulation level (iv) in such methodology, being capable of taking into
account 3D interaction between F/A's. New code adds new simulation techniques, like virtual
damping, more solvers, and new elements with new formulation to better modelizing 3D
behavior. SAVAN3D is undergoing final development stage. Despite this, SAVAN2D
conceptual model will still be used, as it is a more detailed F/A conceptual model and is
consistent with other codes used in the industry (e.g, for the LOCA analysis).

Figure 5. SAVAN full core validation.

3.2.1- New Skeleton, Fuel Assembly and Core conceptual model.
SAVAN3D FEA code target was to analyze 3D in core simulation, preventing from large
amount of memory and excessive simulation time. Therefore, new conceptual models were
developed for the skeleton and F/A 3D simulation (Figure 6 and 7), containing all structural
components that contribute or play a significant role in fuel assembly dimensional stability.
The skeleton is composed of guide thimbles, spacer grids and top and bottom nozzle. Also,
the holddown spring is included. Guide thimble, dashpot and instrumentation tube are
modeled by means of beam elements. Additionally, rotational spring elements are placed
between grids, adding variable lateral stiffness to the model.
The fuel assembly is composed of the skeleton plus fuel rods. Fuel rods are modeled
through one additional column of beam elements, coincident in space with the one modeling
guide thimble tubes. Interaction between these two columns is modeled through contact
elements (initially pre-compressed and with friction) and of rotational springs. These
elements simulate the characteristics of the springs and dimples at grid level. An additional
series of rotational spring elements (grid to grid) is included to take into account fuel rods
additional stiffness and the relaxation of the fuel rod-to-grid rotational stiffness due to thermal
and neutronic fluence induced relaxation. More detailed description of the skeleton and F/A
conceptual model can be found in Reference [5].
According to Figures 8 and 9, new fuel assembly model shows a good agreement with the
experimental data representative of the lateral stiffness test (grid 5 horizontal displacement is
selected to be representative) and the axial stiffness test (grid 10 vertical displacement is
selected to be representative)..
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Figure 6. SAVAN3D skeleton conceptual
model.

Figure 7. SAVAN3D Fuel Assembly
conceptual model
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Figure 8. SAVAN3D vs. test Grid 5 lateral
displacement

Figure 9. SAVAN3D vs. test Grid 10 vertical
displacement

Core model script has been modified to incorporate SAVAN3D new skeleton and F/A
conceptual models. Typical 3D core model consists of several F/A placed in adjacent
positions, with contact elements between them or to the baffle (when F/A's are peripheral).
Number of F/A's in a row or column depends on reactor type.

3.3.- Results analysis.
SAVAN analysis results can be evaluated using SAVAN_Postprocessor software provided.
Main results are: F/A bow, F/A growth, grid growth, lateral gaps between F/A's, axial gaps,
grid lateral displacement, contact force between F/A's and RCCA drag force. Depending on
the selected output, results are plotted vs. axial location (Figure 6), in plane (Figure 7) or vs.
time view (Figure 14). More analysis results can be found in Reference [5].
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4.- Applications.
Evaluation of bow, together with the provided graphic interface can be used to evaluate
dimensional stability of the F/A in early design stages of new fuel assemblies (both
mechanical and in-core response), selecting the optimal candidate based on different
simulation results (Reference 3). Efficiency of such design changes can be quantified in
terms of bow and of reduction of potential IRI risk. Design modifications, including holddown
spring force optimization, guide thimble dashpot stiffening, implementation of new structural
material and the increase of the skeleton stiffness can be actions driven from bow and
growth simulations performed with SAVAN. SAVAN code and methodology, related to 17x17
RFA F/A dimensional stability is presented in Reference [6].

Figure 10. F/A distorted shape at BOC and
EOC

Figure 11. GAP axial distribution at EOC.

Figure 12. F/A in-plane gap distribution.

Figure 13. F/A in-plane contact force
distribution.
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Figure 14. F/A growth evolution vs. time simulation.

The introduction of SAVAN3D improves capabilities for full-core simulation, in aspects such
as loading pattern optimization -e.g., to reduce IRI risk to reduce global bow (Reference 1)-,
mixed cores behavior during transition to new F/A designs and loading and unloading
sequence optimization.

5.- Conclusions.
ENUSA Industrias Avanzadas, Westinghouse EC and KEPCO NF have added 3D
capabilities to SAVAN software and SAVAN methodology, including new detailed conceptual
models that describes skeleton and F/A behavior, together with a graphical user interface for
distortion of PWR F/A prediction in operating conditions. Also, the methodology proposed for
bow and growth analysis is reviewed, SAVAN together with its GUI can used efficiently to
facilitate F/A design development task, loading pattern optimization, fuel structural behavior
prediction and core loading and unloading sequences optimization.
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ABSTRACT
Conventionally, fuel performance calculations and reactor physics have been strictly separated
from each other. When making fuel performance calculations, the reactor physical parameters
such as power distribution, fission gas production and fast flux are either calculated externally
and given to fuel performance codes as input, or calculated directly by fuel performance codes
using approximate models. At the same time reactor physical calculations are often performed
as if the thermo-mechanical properties of the fuel would remain constant over the whole
irradiation period.
This paper describes a new coupling code for performing combined fuel performance and
reactor physical calculations. The code couples the reactor physics code Serpent with the
steady-state fuel performance code ENIGMA. Serpent is a Monte Carlo reactor physics code
developed at VTT. It includes a burnup calculation capability, which enables the modelling of
the time evolution of the nuclide compositions. Serpent also has a built-in Doppler-processor for
cross sections that provides for easy modelling of temperature feedbacks. ENIGMA is a steadystate fuel performance code originally developed by Nuclear Energy (later British Energy) and
BNFL in the United Kingdom. The modified VTT version is based on Nuclear Electric’s ENIGMA
v.5.9b.
The new code uses ENIGMA to model the dynamical behaviour of the fuel, i.e. changes in the
fuel dimensions and temperature distribution. This information is forwarded to Serpent, which is
responsible of the burnup and power distribution calculations. The radial power distribution data
is returned to ENIGMA to be utilized by its power depression routines. The coupling provides for
detailed temperature and geometry modelling in a burnup calculation. Hence, it can be utilized
to examine the errors originating from the usual approximation of stationary thermo-mechanical
properties of the fuel. The new code can also be used in the verification of models and input
parameters of a fuel behaviour code, and also to provide information on the yield of various
fission products of interest. Additionally, the automatic power distribution calculation capability is
handy in the fuel performance modelling of gadolinia-doped fuel rods for which the customary
power depression models cannot be applied.

1. Introduction
Time development of the fuel and the reactor as a whole are being researched using different
kinds of calculation codes. Reactor physics codes are used to predict the multiplication factor and
power distribution of the reactor, along with many other important parameters. Some reactor
physics codes also include a burnup calculation capability, which makes it possible to calculate the
neutron flux -induced changes in the nuclide inventory and, consequently, provides for modelling of
the time evolution of the reactor.
Another important branch of codes consists of the fuel performance codes that are meant
especially for modelling the thermo-mechanical behaviour of the nuclear fuel. They predict, for
instance, the changes in the fuel rod dimensions, thermal conductivity, temperature and fission gas
release under fuel long-term irradiation (steady-state codes) or in transient conditions (transient
codes). The main purpose of these codes is to ensure that the fuel rods do not fail during normal
operation or transients, mainly by checking that certain safety limits are met in all conditions.

Traditionally, fuel performance calculations and reactor physics have been strictly separated from
each other. When making fuel performance calculations, the reactor physical parameters such as
power distribution, fission gas production and fast flux are either calculated externally and given to
fuel performance codes as input, or calculated directly by fuel performance codes using
approximate models. At the same time reactor physics calculations are in many cases performed
as if the thermo-mechanical properties of the fuel would remain constant over the whole irradiation
period. The amount of error caused by this approximation is a rather unknown subject, which this
study tries to explore.
This paper presents a new code coupling for performing combined fuel performance and reactor
physical calculations. The coupling makes it possible to evaluate the magnitude of error caused by
thermo-mechanical changes in the fuel rods during irradiation. It also provides for an easy way of
calculating the power distribution and the fast flux that are important and sometimes hard-to-find
input parameters for a fuel behaviour code.

2. Coupled codes Serpent and ENIGMA
The basic idea of the coupling is to extend the capabilities of ENIGMA by introducing some
parameters from the reactor physics code Serpent. Input is practically the same as that of
ENIGMA: only fuel rod pitch and a couple of special parameters for Serpent must be given outside
of a standard ENIGMA input.
ENIGMA is a steady-state fuel performance code developed by Nuclear Electric and BNFL in the
United Kingdom [1]. The code has been widely used at VTT for many years. The version currently
in use at VTT is based on ENIGMA version v.5.9b, but the code has been further modified. Most of
these modifications are model extensions and additions concerning, for example, cladding material
properties, fission gas release and gadolinia-doped fuel rods.
Serpent is a Monte Carlo reactor physics code developed by Jaakko Leppänen at VTT [2, 3]. The
code is optimized for group constant creation in two-dimensional lattices, but it is also capable of
3D calculations. The code includes a burnup calculation capability, which is based on a new and
progressive CRAM method [4]. The code version 2 includes a new on-the-fly temperature
treatment capability, which enables modelling of temperature distributions with arbitrary,
continuous functions [5]. This property, however, was not utilized in the currents study, but the
temperature dependences were modelled using homogenous temperature zones and the Doppler
pre-processor of Serpent. The calculations in this study were performed with Serpent version 2.1.5.

3. The new coupling
The parameters are read from an ordinary ENIGMA input. The coupling code splits the N-step
irradiation history defined in ENIGMA input to N separate irradiation steps using the restart
property of ENIGMA. Serpent is used to update the radial power distribution between the
irradiation steps. Since the Serpent inputs are created according to the real time fuel rod state
information calculated by ENIGMA, the thermo-mechanical properties become correctly taken into
account in the Serpent simulations. The coupling code executes the programs Serpent and
ENIGMA automatically as the up-to-date input files have been created. This progress is illustrated
in Figure 1.
By default the Serpent inputs describe a pin cell situated in an infinite lattice. It is, however, easy to
extend the simulation to more complicated geometries.

Serpent, step 1
zero
power
temperature distribution

- Power distribution

-

ENIGMA, half step 1
Dimensions and
temperature distribution
at half step
Serpent, step 1
- realistic 1. step
temperature distribution

ENIGMA, full step 1
N=2
ENIGMA, half step N

Serpent, step N

N=N+1

ENIGMA, full step N

Create output
& exit

Figure 1: Flowchart of the coupled simulation. In the main loop, ENIGMA is first run for half a
step to get a representative temperature distribution for a neutronics calculation. Then,
neutronics and nuclide compositions at end of step are solved using Serpent. Before
proceeding to the next step, the ENIGMA calculation is performed for a full step using power
distribution from the previous Serpent calculation.

4. Results
To gain realistic information on the significance of coupled fuel performance and neutronics
modelling, a benchmark PWR rod from the IAEA Coordinated Research Programme FUMEX-III
(Fuel Modelling at Extended burnups) was simulated with standalone Serpent and the coupled
code system. The rod is a common PWR rod with fuel enriched to 3.48 w-% U-235. The maximum
burnup at the centre of the rod reaches about 52 MWd/kgU at the end of irradiation. In this work
the number of radial regions was reduced to 15. As the time required for the Serpent burnup
calculation may extend to several days depending on the number of burnup steps and the axial
zones investigated, only a few axial zones were simulated. The results are displayed for the zone
in the middle of the fuel rod. All of the Serpent simulations were performed in the pin cell geometry.
Because of the artificial reduction of fuel zones in axial direction, the ENIGMA modelling of axially
coupled effects, i.e. internal pressure, fission gas release and elongation, is no longer realistic.
However, the results should not be overly affected by this as the fission gas release stays low
during the simulation. As it is, the results should provide rather reliable information about the
magnitude of errors caused by assuming the fuel properties to be stationary.
Effect of the dynamical fuel behaviour on neutronics can be estimated by performing the burnup
calculation separately with coupled and standalone Serpent. In the Serpent simulation, the initial
fuel geometry and the temperature distribution corresponding to the linear power of the first
irradiation step are utilized throughout the irradiation history. The results are compared via
homogenized one-group fission and capture cross sections together with the infinite multiplication
factor of the fuel pin cell. Additionally, the cases were simulated with a special version that kept the
temperature constant over the irradiation period. Results for the middle segment are presented in
Figures 2 and 3.

Figure 2: (Up, left) The given linear power and the calculated centreline temperatures of the
FUMEX PWR. (Up, right) The corresponding changes in the dimensions of the fuel rod. (Down)
Homogenized cross-sections of the fully (geometry & temperature) coupled simulation are
presented in the left plot and the effect of the changing geometry (temperature constant) is shown
on the right.

Figure 3: From the upper plot it can be seen that the thermo-mechanical feedback significantly
affects the multiplication factor of the pin-cell system during the burnup calculation. The effect of
the changing geometry is, however, hard to distinguish from statistical noise with the amount of
statistics used in these calculations (lower plot).

5. Discussion
The results in Figure 2 represent a fuel segment with linear power history representative of a
middle region of a PWR fuel rod. A slight dependence of homogenized cross sections and infinite
multiplication factor on the thermo-mechanical properties can be recognized. By examining the
corresponding results of the distinct runs, it can be noticed that both the changing geometry and
the varying temperature have their own contributions to the differences.
As can be seen in the Figure 2, the correlation between linear power and temperature of the fuel is
very strong. Since the linear powers in the very beginning of the irradiation history are small
compared to the later history, also the fuel temperatures in the standalone Serpent case remain
smaller almost throughout the whole history.

The higher fuel temperature of the coupled calculation increases the resonance absorption in the
fuel material, mainly U-238, because of Doppler-broadening of the resonance peaks. As a
consequence, the capture cross section increases suddenly in the coupled case along with linear
power as can be seen in the cross section and multiplication factor curves. A long-term
consequence of the heightened resonance absorption is that new fissile material, mainly Pu-239
and Pu-241, is created in the fuel more efficiently than in the cooler reference case. Extra fissile
material tends to increase the fission cross section and multiplication factor of the coupled case
above that of the pure Serpent calculation.
The effect of the varying geometry can be recognized in Figure 2. The cladding creep increases
the volume of the water channel between the fuel rods until the gas gap closes at around 36
MWd/kgU after which the cladding starts to slowly expand. The increase in water channel volume
enhances the moderation slightly and, thus, might be the main reason for the increase in both
fission and capture cross sections compared to the Serpent case. On the other hand, also the
swelling of the fuel material itself may have some effect on the cross sections. From the current
results it is impossible to conclude at full confidence, which is the primary cause for the differences
seen in cross sections.
Since the effect of the varying geometry is hardly recognizable in Figure 3, it can also be
concluded that the influence of temperature feedback on multiplication factors is far more
significant than that of the changing geometry.
In general, the deviances in the homogenized cross sections remain below 3 per cents, which is
considered a small but not fully insignificant magnitude for errors. The corresponding differences in
the kinf of the axial node were slightly above 2000 pcm at highest. The errors in the burnup
calculation of Serpent could be decreased by utilizing a more representative temperature
distribution for the run, for instance a distribution from the middle of the irradiation history.

6. Conclusions and Future Prospects
The reactor physics code Serpent was successfully coupled with the fuel performance code
ENIGMA and an example case was examined with the new coupling. The coupled code system
can be used to examine the effect of the dynamic thermo-mechanical properties of the fuel in
burnup calculations, as well as reactor physical calculations in general. On the other hand, the
reactor physics code provides valuable input parameters for fuel behaviour calculations.
The coupled code system will be utilized in the future to validate models within ENIGMA and to
study the uncertainties in burnup calculations due to changing fuel temperatures and geometry.
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ABSTRACT
The Westinghouse Loading Pattern Risk Assessment (LPRA) process provides
a systematic approach to consider both traditional loading pattern (LP)
requirements and the fuel performance risks associated with the proposed LP.
Multi-disciplinary issues are included - Fuel Rod Design Criteria, Pellet-Clad
Interaction (PCI), Grid to Rod Fretting Wear, Crud Induced Power Shift (CIPS)
and Crud Induced Localized Corrosion (CILC), Fuel Assembly Bow, Damaged
Fuel, Debris Failure, Axial Xenon Stability, and Control Rod Incomplete Insertion.
Prior to finalizing the Core Loading Plan, a risk assessment on the candidate LP
must be completed to identify the potential for fuel performance risks during the
life of the reload fuel. These risks must then be considered by the nuclear
designer and understood prior to finalization of the loading pattern. Based on
this review, alternative LPs may be developed with consideration of risks, design
and safety limits, and impact on fuel cycle economics in order to determine the
optimal means of increasing fuel performance and minimizing the risk of fuel
failures.

1. Introduction
The primary objective of core design is to demonstrate that the fuel region (total life)
and the cycle under design are capable of being operated at the plant’s rated power
in a safe, reliable, and economic fashion. With regard to the management of the fuel
while it is in the core, this objective has traditionally been met by demonstrating that
applicable safety analysis limits, Technical Specifications, cycle energy requirements,
and contract specifications are met. Over the last several years, many improvements
in fuel management have been implemented which have provided utilities with
significant economic benefits. In addition, with the continuing emphasis on zero
defect fuel operation, a variety of new issues must be addressed in an integrated
fashion during the loading pattern (LP) determination phase of the core design,
making LP development a more complex activity than in the past.
The Westinghouse loading pattern risk assessment (LPRA) process addresses both
performance risks as well as design margin risks. The loading pattern and
subsequent cycle depletion establishes the initial conditions for multiple design and
safety analyses checks. Substantial effort is invested in developing analysis methods
and software with many multiple-discipline analyses and automation tools. The LP
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risk assessment prioritizes these downstream analyses, based on both generic and
plant specific experience, to assure that design criteria that are most likely to
challenge established limits are addressed during the risk assessment phase and to
ensure that critical fuel performance risks are minimized. Deficiencies in the pattern
are identified early, allowing for improved pattern optimization. Ensuring that limiting
design criteria can be satisfied early in the pattern setting process significantly
reduces the potential for rework.

2. Westinghouse LPRA Process and Supporting Fuel Performance
Analysis Tools
Multi-disciplinary issues are included in the Westinghouse LPRA. Discussed in detail
are the risk assessments that potentially require sophisticated analysis tools and
therefore can benefit the most from risk assessment during LP design. These risks
include Fuel Rod Design Criteria, Pellet-Clad Interaction (PCI), Grid to Rod Fretting
Wear, Crud Induced Power Shift (CIPS) and Crud Induced Localized Corrosion
(CILC).
Other issues included in Westinghouse LPRA, but not discussed here, include the
risks requiring relatively simple analysis (i.e. Fuel Assembly Bow, Damaged Fuel,
Debris Failure, Axial Xenon Stability, and Control Rod Incomplete Insertion) and risks
impacting safety margin but not associated with specific fuel reliability issues (i.e.
quadrant power tilt and steady-state hot-leg streaming).

2.1 Fuel Rod Design Criteria
The function of the fuel rods is to provide for the transfer of heat generated by
fissions to the coolant through the cladding while safely encapsulating fission
products inside the fuel rod. The fuel rod must be capable of performing this function
over a range of operating conditions which occur during normal operation or which
could occur during Anticipated Operational Occurrences (AOO).
The fuel rod design provides assurance that the fuel will fulfill this function by
confirming that Safe Allowable Fuel Design Limits (SAFDLs) are satisfied for all
established fuel rod design criteria. These criteria address all of the requirements of
US NRC Standard Review Plan (SRP) (1) for the fuel rod. Some criteria, such as
clad free standing, which addresses the stability of the unirradiated cladding under
initial differential pressure loading, are independent of the fuel operating history, but
several potentially limiting criteria are significantly influenced by the rod power history,
comprised of both rod average power and axial power shape as a function of time or
rod burnup. These detailed power histories must be available for all fuel assemblies
in the design cycle, starting from their initial insertion in the core in order to properly
assess risks.
The Westinghouse risk assessment process facilitates the analysis of the most
limiting power history dependent design criteria through automation of the transfer of
design information from nuclear design calculation (ANC) to the fuel rod design
calculation (PAD). Figure 1 below illustrates the components of this automation for a
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design cycle with fuel assemblies from the two prior cycles included in the fuel
inventory.

Figure 1. Fuel Rod Design Process Flow

ANC core depletion history files from prior cycle designs provide the initial condition
for burned fuel in the design cycle and also provide a detailed history of prior cycle
fuel rod operation. These data files are provided as input to the ALFRED code (ANC
Fuel Rod Evaluation for Design), which extracts rod power history data and
associated axial power distributions for all fuel rods in the core. These data are then
combined with user input and fuel rod geometry data to define design analyses input
files, with consideration of established design procedures. Input files are generated
for use in the analysis of several potentially limiting design criteria, including rod
internal pressure, clad corrosion and hydrogen pickup, transient clad stress and
strain and clad fatigue. All of these analyses can then be performed shortly after the
loading pattern is defined, in parallel with other nuclear design limit and fuel
performance risk evaluations.

2.2 Pellet-Clad Interaction (PCI) and Grid to Rod Fretting (GTRF)Local
power changes during startup can introduce large local stresses when the power
level increases above the conditioned power level of the cladding. Westinghouse
has created methods of analyzing and minimizing the risk of a PCI failure in
accordance with Institute of Nuclear Power Operation (INPO) fuel reliability
guidelines and supplemented with Electric Power Research Institute (EPRI)
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guidelines. The risk of a PCI fuel failure during startup is quantified, based on power
changes during startup, pellet statistics, and intended startup power ascension profile
(2). PCI risk can be mitigated by either modifying the loading pattern, or adding
intermediate hold times and decreasing reactor ramp rates during reactor startup
after prolonged shutdown. Figure 2 illustrates the current process used for the PCI
risk assessment used in the LPRA:

Figure 2. Flow Chart of PCI Assessment Process
The primary mechanism for GTRF failures is the formation of a gap between the grid
support system and the fuel rod during operation. Large power changes between
cycles can also increase the risk of a GTRF fuel failure. The LPRA includes
methodology to qualitatively determine if there is increased risk of a GTRF failure (3
and 4). If sufficient risk exists, specific assessments can be performed to quantify
the risk. Because both the PCI and GTRF risk assessments use similar power history
information, the FUELDUTY code has been developed to quantitatively assess PCI
risk and qualitatively assess GTRF risk. The power histories from the Westinghouse
neutronics code, ANC, are supplied directly to FUELDUTY. Figure 3 shows the
inputs and outputs for the FUELDUTY code.

Figure 3. FUELDUTY Flow Chart
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The advantage of utilizing the FUELDUTY code is twofold. Because information is
being taken directly from stored ANC power history information the analysis is less
error prone than the hand calculations previously performed to address these criteria.
Additionally, the time to do the analysis is significantly decreased, allowing for
periodic checks of the GTRF and PCI LPRA criteria during the preliminary stages of
LP development. By using the FUELDUTY code early in the development process,
ramp rate restrictions can be minimized and the chances of a redesign are reduced.
In conclusion, the PCI and GTRF methodology minimize the risk of potential fuel
failures. The FUELDUTY code allows LP designers to consider the risk for PCI and
GTRF as they are designing the core and mitigate further restrictions during startup.

2.3 CIPS and CILC
CIPS is an unexpected downward shift of axial power distribution. The CIPS
phenomena are caused by boron buildup in crud deposited in the upper grid spans of
fuel assemblies undergoing sub-cooled boiling. Westinghouse has developed a
methodology to predict the conditions leading to CIPS (5 and 6). This methodology
has been further refined and incorporated into the BOA code which was jointly
developed by Westinghouse and EPRI (7). The VIPRE-01/BOA calculation overview
diagram is shown in Figure 4 (8).

Power Distribution
(Physics Code)

VIPRE-01 Input

VIPRE-01
Analyses

AOA Files
BOA
Input
BOA
Restart
File

BOA
Calculations/
Analyses

BOAGUI
Files
BOA
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File
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Figure 4. VIPRE-W/BOA Calculation Overview
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If the crud is thick enough at high heat flux level, it may lead to fuel rod surface
heat transfer degradation and dryout. As a result of crud dryout, the cladding
temperature becomes higher than the normal cladding temperature without crud.
Higher cladding temperature will cause accelerated cladding corrosion and failure.
This phenomenon is called Crud Induced Localized Corrosion (CILC). The BOA
computer code, originally developed for CIPS risk analysis, has been extended to
model the phenomena leading to CILC. This requires a more detailed geometric
model of the fuel assemblies in the core. The CILC risk assessment method was
developed in Westinghouse a few years ago (8, 9, and 10). A flow diagram of the
coupled CILC methodology is shown in Figure 5.

CFD calculation of 1 span

VIPRE-W and its
post processor to
generate .hdy files

CFD HTC processing

Calculate local fluid
and fuel pin power
conditions for
selected limiting
assemblies

Generate Heat
Transfer Coefficient
(HTC) distribution
data

Standard VIPRE-W “.aoa” files
Pressure, mass velocity, coolant
temperature, average heat flux, DH at
axial location i in ¼ assembly j of
subchannel k for specified ¼ channels
(Standard BOA method)

Advanced BOA calculations
Perform local crud thickness
calculation for fuel rods in
identified limiting assemblies
(typically 5~10 limiting
assemblies)

Figure 5. Flow Chart for CILC Risk Assessment
If significant CIPS/CILC risk is identified, then mitigating measures such as loading
pattern change, enrichment zoning or coolant chemistry changes may be necessary.

3. Risk Assessment Levels
Some of the LPRA items specify “Levels” of analysis. In most cases, it is intended
that the core designer, with the support of the thermal/hydraulic and fuel rod
designers and others, as necessary, will perform the “Level I” check as a normal part
of loading pattern confirmation. Level 1 checks performed by core design are
typically quick qualitative assessments of planned design cycle operations compared
to previous operated cycles. The higher level checks provide more detailed risk
assessment procedures that could be performed to better quantify the risk and
identify specific corrective actions. Higher level analyses are generally recommended
for plants implementing different fuel designs, power uprating, or primary water
chemistry changes.
For general fuel rod design criteria, a qualitative assessment of risk due to LP
changes and small changes in chemistry may be performed by the core designer.
Typically plants exhibit some factor that increases the risk of failing a fuel rod design
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criterion. The ALFRED analysis is the next lowest level of risk assessment and
involves analysis with bounding fuel design parameters and ALFRED generated core
bounding power histories for groupings of fuel. For higher levels of risk assessment,
ALFRED can also be used to perform assembly specific or even rod-by-rod analysis.
For the PCI assessment two different options of analysis exist. Option 1 focuses only
on power changes between cycles using coarse power histories and bounding axial
power shapes. Option 2, which uses the FUELDUTY code, uses probabilistic
techniques to determine the risk of a PCI fuel failure in a given core. The GTRF
assessment allows for a quantitative assessment of risk if the qualitative assessment
shows additional risk.
For CIPS/CILC risk assessment, up to four levels of analysis can be used to evaluate
crud risk. Risk evaluation Levels I and II focus only on sub-cooled boiling. These
methods are appropriate if there are no changes to fuel design or primary water
chemistry program including boron and lithium concentrations. Levels III and IV
analyses use tools that also incorporate the effects of crud sources and coolant
chemistry.
4. Conclusions
Westinghouse loading pattern risk assessment process coupled with advanced fuel
performance analysis tools have helped Westinghouse achieving low incident of fuel
performance issues. This system will continue to be utilized to enable nuclear utilities
to take preemptive actions to reduce potential fuel performance risks in order to
support the industry goal of zero fuel failures.
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ABSTRACT
Potential fuel reliability issues, in particular crud-related issues, can be
avoided by achieving and maintaining a crud-safe environment. Therefore,
the ability to confidently predict risks associated with crud deposition on fuel
becomes critically important. AREVA is applying its cutting-edge PWR fuel
crud/corrosion tools, i.e. COBRA-FLX (subchannel-by-subchannel T/H tool)
coupled with FDIC (crud deposition tool) to subsequently perform PWR fuel
crud/corrosion risk assessments for operating plants in the US.
The method taken by AREVA considers both “risk” and “margin” to fuel
performance impact caused by crud deposits. Both Crud Induced Localized
Corrosion (CILC) and Crud Induced Power Shift (CIPS) risk assessment
methods, as applied to the upcoming cycle (Cycle N), are compared to the
current/on-going cycle (Cycle N-1) and to the previous cycle (Cycle N-2).
After describing the method, the result of one of these assessments is
presented for an operating plant in the US that has experienced recent crud
observations/concerns. The results allowed the utility to consider crud risk
management changes associated with the upcoming cycle (Cycle-N).
Benchmarking of the AREVA tools, using the plant-specific crud information
gained from the crud sampling/characterization for the unit will be
presented.
AREVA demonstrates with this paper that it applies a state-of-the-art tool
for the simulation of crud deposition in a fuel risk analysis case which
allows utilities to more effectively manage risks and, ultimately, prevent any
crud-related fuel reliability issue.

1. INTRODUCTION
AREVA has a set of benchmarked tools that allows for realistic modelling of crud deposit
development and growth on nuclear fuel rod surfaces. These tools allow for a quantitative
assessment of risk towards crud induced fuel performance issues due to changes in core
design, fuel design, or water chemistry programs. The tools have also been used to assess
the impact of non-conforming chemistry, as well as in root cause analyses and in
optimization of chemistry programs as they relate to fuel performance.
The AREVA suite of tools used for PWR fuel risk assessments reflect the complex interrelationship between neutronics, thermal-hydraulics, and plant chemistry in the formation and
development of fuel deposits, as indicated in Fig 1.

Fig 1. Level III Evaluation Method
The AREVA fuel crud risk assessment process provides daily resolution of deposits at
specific locations (as opposed to as a core average) based on local chemistry and T/H
conditions for first-, second- and third-burned assemblies separately. Evaluating at a local
position (on the order of 1 to 3 inch segment of a single rod) reflects properly the impact of
crud at limiting locations (based on selected T/H criteria) and/or allows relevant comparisons
with measurements at locations where measured data exists.
Use of local subchannel/rod resolution for T/H, as performed by AREVA, also provides a
direct means to distinguish between interior and peripheral fuel rods in a fuel assembly. The
difference between internal and peripheral fuel rods in an assembly impacts the evaluation of
risk.
Some commercially available crud risk assessment tools use T/H elements to distribute total
deposit mass to local positions in the core, with a single or variable core-wide ratio for iron
and zinc in the crud. The AREVA chemistry model defines the species and quantities
depositing at a given point in time; the actual species formed in crud deposits affect the
physical characteristics of the deposits. As the deposits evolve in time, the chemical and
physical characteristics are used to re-determine a number of the characteristics of the
deposits including the thermal conductivity of the deposit. During plant start-up conditions the
AREVA models consider both the effect of crud redistribution and of corrosion product
release from other plant surfaces. Also considered is inventory removal during mid-cycle
outages or fuel cleaning if appropriate. An AREVA deposition model working on the same
principles was presented in Reference [1].

2. USE OF THE AREVA PWR RISK ASSESSMENT TOOLS
AT PLANT “A”
The AREVA PWR risk assessment tools were utilized to evaluate the collective impact of
several changes being considered for a U.S. PWR plant on the risk towards crud induced
fuel performance issues. Changes to core design and plant chemistry program being
introduced concurrently included (a) use of a zone-enrichment pattern to reduce local rod
power, (b) reducing the use of burnable poisons in the core design requiring higher boron
concentrations at BOL, (c) initiation of reactor water zinc injection, and (d) steam generator
replacement in the cycle preceding that being assessed.

The approach taken by AREVA for Level III fuel crud risk assessments considers both a
“Risk” set of conditions, and a “Margin” set of chemistry conditions to assess the impact of
fuel performance caused by crud deposits. An assessment of the “Risk” impact is made by
evaluating what is considered to be reasonably expected reactor water chemistry and plant
operation conditions. However, evaluating only the “expected” conditions with good
performance is insufficient to thoroughly bound the risk assessment; the potential for a
challenging operating cycle with respect to chemistry conditions and plant availability is
considered. To assess the potential for challenging chemistry and operating conditions, a
set of input conditions reflecting this potential are used to assess the risk “Margin” to fuel
performance issues caused by crud deposits.
Prior to application of the AREVA tools to future cycles, comparisons were made using
previous cycle data where both liftoff measurements and crud deposit samples were
available as standards for validating the tools. Validations were made between the predicted
and measured results for both once-burned and for twice-burned fuel assemblies at the 24
month cycle Plant “A” for the following.
 Crud deposit thickness both as measured by poolside inspections and as measured
by SEM examinations, and
 Crud deposit composition, both on an average deposit (as measured by ICP-MS) as
well as the deposit composition radial and axial profiles (as measured by SEM/EDS).
In all cases, good agreement was observed between the actual data as measured by field or
laboratory examinations and the deposit characteristics predicted by the AREVA tools.
The good comparisons between the predicted and measured data provides confidence that
the AREVA tools were applicable to the specific plant configuration; therefore, use of the
future cycle predicted values in the risk assessment process was supported.

3. CILC ASSESSMENT
Crud-Induced Localized Corrosion (CILC) is an accelerated corrosion of zirconium cladding
caused by a number of factors including crud-induced cladding temperature increases, crud
thickness, and enhanced corrosion from elevated lithium in the zirconium oxide layer.
It is seen from Fig 2 that most of the deposit thickness is built during the first and second
cycles with practically no increase during the third cycle. This is expected since no steaming
is present at this location during the third cycle of operation, and the heat flux is about four
times smaller during the third cycle compared to that during first cycle of operation.
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Fig 2. Maximum Deposit Thickness Evolution Three Cycles of Operation
The impact of lithium uptake on cladding oxidation is evaluated by the AREVA tools. Fig 3
illustrates the results of lithium uptake assessments. In the case shown for Plant “A” the
effect of lithium uptake is shown to be higher in the first cycle of operation than in the second
cycle of operation. This has been known to be reverse in other plants.
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Fig 3. Predicted Lithium Uptake in the Cladding Oxide for Plant “A” Cycle “N”

4. CIPS ASSESSMENT
Fig 4 shows the nickel-to-iron ratio as function of cycle time. The ratio is shown for fresh fuel
under the cycle’s worst case conditions. While the crud thickness in all cases exceeds the
30-µm mark, the nickel-to-iron ratio barely exceed 1. Based on these results, AREVA
concluded that Plant “A” was not at risk to CIPS caused by the formation of insoluble nickeliron-borates.
The boron loading was modelled as a function of EFPD based on predicted crud composition
and morphology, T/H conditions, boron adsorption, lithium borate precipitation, and nickeliron-borate formation.

Fig 4. Nickel-to-Iron Ratio in Crud Deposits of Increasing Thickness as Modelled for
Fresh Fuel in Plant “A”
Fig 5 illustrates an example of the boron loading calculated for fresh fuel assemblies at Plant
“A” during Cycles N-2 to N, second burn fuel assemblies in Cycles N-1 and N, and third burn
fuel assemblies in Cycle N.

Fig 5. Boron Loading Influenced by Fuel Crud as Function of FA Lifecycle at Plant “A”
Starting with Cycle N-2
The steep increase in boron during the first part of the cycle for fresh fuel assemblies seen in
Fig 5 is caused by a combination of crud deposition (caused by initial redistribution from
carry-over fuel), local steaming rates and the high RCS boron. After the maximum, there is a

steep decrease that follows the coolant boron dilution. Boron accumulation on Cycle “N”
fresh fuel indicates a different scenario; the initial crud deposition is not as significant as in
previous cycles but the nucleate boiling maintains a rather constant crud boron level
throughout Cycle N.
The amount of boron on Cycle N second and third burn fuel (as shown for Cycle “N-1” in blue
and Cycle “N” in blue and orange) follow the trend of the coolant boron, i.e. the accumulation
is driven by the crud deposit. Note that in the cases presented here, the second burn fuel did
not or only briefly experience steaming. The fact that the boron on the second and third burn
exceeds the boron found on fresh fuel is explained by the thick crud deposits on reload fuel.

5. CONCLUSIONS
AREVA has developed a unique suite of PWR Crud/Corrosion Risk Assessment tools which
models the complex interactions between neutronics, thermal-hydraulics, bulk chemistry and
local chemistry conditions at fuel rod surfaces. These tools are based on first principles, and
have been successfully validated against actual plant data.
The AREVA risk assessment process models the deposits as they transform physically and
chemically on a daily basis at a specific locations. The impact of evolutions such as midcycle outages or plant chemistry upsets is modelled over the life of the fuel assembly. This
approach avoids the limitations introduced by treating deposits on an “average” basis.
AREVA has successfully modelled and predicted CIPS for cycles that were previously
assessed by other tools as not being susceptible.
The AREVA PWR Crud/Corrosion Risk Assessment tools have been successfully applied at
B&W, CE and Westinghouse design plants in the US. Results from these tools have provided
quantitative data to assess the risk associated with anticipated changes to fuel cycle design
and chemistry program changes. These tools have also been applied “after the fact” to
assess the impact of plant chemistry upsets and to provide input into root cause analyses.
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